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ABSTRACT

The Advanced Neutron Source (ANS) is a research reactor that is planned for construction at
Oak Ridge National Laboratory. This reactor will be a user facility with the major objective of
providing the highest continuous neutron beam intensities of any reactor in the world. Additional
objectives for the facility include providing materials irradiation facilities and isotope production
facilities as good as, or better than, those in the High Flux Isotope Reactor.

To achieve these objectives, the reactor design uses highly subcooled heavy water as both
coolant and moderator. Two separate core halves of 67.6-L total volume operate at an average power
density of 4.5 MW(t)/L, and the coolant flows upward through the core at 25 m/s. Operating pressure
is 3.1 MPa at the core inlet with a 1.4-MPa pressure drop through the core region. Finally, in order
to make the resources available for experimentation, the fuel is designed to provide a 17-d fuel cycle
with an additional 4 d planned in each cycle for the refueling process.

This report examines the codes and models used to develop the thermal-hydraulic design for
ANS, as well as the correlations and physical data; evaluates thermal-hydraulic uncertainties; reports
on thermal-hydraulic design and safety analysis; describes experimentation in support of the ANS
reactor design and safety analysis; and provides an overview of the experimental plan.
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1. INTRODUCTION

The Advanced Neutron Source (ANS) is a research reactor planned to be built at the Oak Ridge
National Laboratory (ORNL). It will be a user facility with the major objective of providing the
highest continuous neutron beam intensities of any reactor in the world. Other design objectives
include: (1) providing materials irradiation facilities as good as, or better than, those existing in the
High Flux Isotope Reactor (HFIR) and (2) providing isotope production facilities as good as, or better
than, those in HFIR. An array of user experimental equipment is incorporated in the design to provide
experimental capability in a wide range of areas, including chemistry, biology, fundamental physics,
high temperature superconductivity, solid state physics, weak interaction physics, and many others.

To achieve those objectives, the reactor design uses highly subcooled heavy water as both
coolant and moderator. Two separate core halves of 67.6 L total volume operate at an average power
density of 4.5 MW()/L. The coolant flows upward through the core at 25 m/s velocity. Operating
pressure is 3.1 MPa at the core inlet with a 1.4-MPa pressure drop through the core region. In order to
provide a high reactor availability for these experiments, the fuel is designed to provide a 17-d fuel
cycle with an additional 4 d planned in each cycle for the refueling process. A comparison of ANS
thermal-hydraulic (T/H) parameters to those of other reactor systems is provided in Table 1.1.

1.1 SYSTEM DESIGN

Each element of the core (see Fig. 1.1) is constructed with a series of involute fuel plates
arranged in an annular array. The involute design provides uniform coolant gaps at all spanwise
positions. The fuel plate is 1.27-mm thick and consists of 0.254-mm thick 6061 aluminum cladding
material sandwiching a 0.762-mm mixture of uranium silicide fuel (U,Si,) and aluminum. Each coolant
gap is also 1.27 mm in width and has a span of 70.29 or 87.35 mm (upper or lower core,
respectively). Fuel plates are welded to inner and outer cylindrical side plates with each element
having 507 mm of fueled length. Unheated 10-mm leading and trailing edges complete the fuel plate
design.

The core is surrounded by a double walled core pressure boundary tube (CPBT), which serves as
the primary system pressure boundary in the core region. The double wall design of the CPBT ensures
that a break in the outer wall will not lead to core damage. The outer diameter of the aluminum CPBT
is 519 mm with a 3-mm coolant gap between the inner and outer CPBT walls. Coolant flows at 7 m/s
through this gap to ensure adequate cooling.

Three control and shutdown rods are located in the central hole region of the core (see Fig. 1.1).
Insertion of any one of these rods is sufficient to ensure shutdown of the reactor. The control function
of the rods is performed mechanically through a series of electric motors. The scram function of these
rods is activated through a ball latch mechanism, while fast rod insertion is ensured using scram
springs incorporated in the rod design. The rods are 71-mm diam and are designed to provide coolant
paths internal to the rods to ensure coolability of both the hafnium absorber material and the aluminum
carrier (see Fig. 1.2). Heavy water coolant flowing at 6 m/s over the rod surface as well as in the
intemal coolant channels is provided to cool these rods.

Thirty transuranic production rods, each 9.5-mm diam with a 508-mm active length, are located
immediately upstream of the upper fuel element. Additional experimental positions are also located in
the flow stream above the lower fuel element.

1-1
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Table 1.1. Comparison of Advanced Neutron Source thermal-hydraulic
parameters to other reactor designs

Sequoyah

ANS® HFIR? SM-2 ILLS NPP*
Coolant DO H,0 H,0 DO H,0
Core volume (L) 67.6 50.6 48 46.3 35,000
Peak thermal neutron flux (m™2 - s™') 7.4 x 10® 1.6 X 10® 3 x 10* 1.5 x 10" 8.0x 107
Thermal power (MW) 303 97.5 75 57 3,500
Average power density (MW/L) 4.5 1.9 1.6 1.2 0.1
Peak heat flux (MW/m?) 12 4.0 7 4 1.8
Coolant inlet velocity (m/s) 25 15 13.5 15.5 5
Core inlet pressure (MPa) 3.2 3.3 1.0 1.5 15.9
Core pressure drop (MPa) 1.5 0.7 1.0 0.15
Inlet coolant temperature (°C) 45 49 50 30 285
Exit coolant temperature (°C) 85 70 80 50 320
Exit subcooling level (°C) 110 155 50 27
Core exit Reynolds number 2 x 10° 1 x 10° 1 x10° 5 x 10°
Fuel Silicide Oxide Oxide Alloy Oxide
Cladding Al Al Ni Al Zr

“ANS = Advanced Neutron Source.

*HFIR = High Flux Isotope Reactor.

FILL = Institute Laue Langevin.

NPP = Nuclear Power Plant.

‘Flux in the trap.

‘The HFIR power level has recently been reduced by 15% because of pressure vessel embrittlement. However,
HFIR opcrated for more than 20 years at the 97.5 MW(t) level.

The CPBT is surrounded by a 3.4-m diam, 3.6-m high cylindrical reflector tank also containing
heavy water. This tank operates at a normal pressure of 0.3 MPa and contains thermal beam tubes,
the two cold sources, the hot source, and many other pieces of experimental equipment. Flow in the
reflector tank is dictated by cooling requirements of the various components within this region and is
supplied by independent cooling loops. A schematic of the reflector tank region is shown in Fig. 1.3.
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Eight hydraulically actuated safety rods are situated extemal to the CPBT and located within the
reflector tank. These rods are incorporated as a redundant means of shutting down the reactor with
insertion of seven of these rods being sufficient to shut down the reactor even if the inner control rods
are totally lost. If the inner rods remain stuck in their critical position, insertion of only one of the
outer rods would be required to shut down the reactor. The outer rods are withdrawn by hydraulic
pressure applied to the internal regions of each rod, which acts against scram springs. A scram signal
releases the hydraulic pressure and the spring scrams the rod. A diagram of the safety rods is shown in
Fig. 1.4.

The cooling system design uses four independent coolant loops (three active during normal
operation), each equipped with two heat exchanger systems (both of which are submerged in the light
water pool). The main heat exchanger in each loop has primary reactor coolant flowing on the shell
side, with cooling tower water flowing on the tube side to improve the ability to maintain the heat
exchanger. The emergency heat exchanger, located in series with the main heat exchanger, also has
primary reactor coolant on the shell side, but is cooled under emergency conditions by natural
circulation of the pool water on the tube side. The piping design is optimized for natural convection
cooling after shutdown. In addition, the cooling tower design is such that natural circulation cooling
between the main heat exchanger and cooling tower can also be used if necessary.

A main circulation pump, a check valve, and a flow diode (a preferred direction flow device)
complete each reactor coolant loop. Each pump is equipped with a battery powered pony motor that
can maintain 10% of full flow for 30 min if the main motors lose power. Pump coastdown requires 2 s
to reach one half of the original speed. Each loop also contains a gas pressurized accumulator that
slows system depressurization during some accident scenarios. Each accumulator has a liquid volume
of 7.5 m’ and a gas volume (nitrogen or argon) of 0.52 m®. A cooling system schematic diagram,
which shows one loop of this four-loop system, is shown in Fig. 1.5, while Fig. 1.6 indicates relative
piping elevations in the design.

The requirement that the reactor piping must either be submerged in one of the light water pools
or located in one of several limited volume cells is also included in the design. These cells are used to
isolate instrumentation and components requiring access for routine maintenance on inspection and
those that are not designed to operate under water. The cells are designed to occupy only limited floor
area and are watertight in order to ensure that, in the event of a piping break in one of these cells, the
accumulators will supply enough coolant to submerge the piping.

Each loop also contains a pressurizing and letdown system that is used to maintain primary
system pressure and also provide a means of water cleanup. The pressurizing system consists of a
makeup tank at atmospheric pressure and a pressurizing pump that is used to supply heavy water to
the primary system continuously at a rate of ~5 kg/s. In parallel to the main pressurizing pump is a
standby pump that is started only if the letdown valve closes on a low pressure signal. System pressure
is maintained by modulating the letdown valves located near the inlet of the main heat exchanger in
each loop. The low pressure heavy water from the letdown valves is then passed through a D,O
cleanup system and returned to the makeup tank.

1.2 HYDRAULIC DESIGN AND HEAT LOADS

During normal operation [at 303 MW(t)], ~80% of the system pressure drop is taken through the
core region. Total primary heavy water coolant flow through all three active loops is 1994 kg/s, while
the nominal core inlet temperature is 45°C with a temperature rise through the core of 37°C.

Figure 1.7 shows loop conditions under steady-state operation. Flow splits and pressures in the core
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region under isothermal conditions are shown in Fig. 1.8. Ten separate orifices are located within the
core region in order to ensure correct flow rates and pressure loadings on various components. Peak
heat fluxes in components external to the fueled region under normal operating conditions are shown
in Fig. 1.9. After shutdown, core power drops significantly (see Fig. 1.10), while heat loads in other
components drop less rapidly as a result of aluminum-29 decay and fission product gamma heating
from the core. An example of the heating after shutdown in the CPBT is shown in Fig. 1.11, where
~40% of the nominal heat load remains immediately after shutdown (as compared t0 7% in the core).

The ANS reactor (ANSR) fuel design uses fuel graded in both the radial and axial directions.
Because of fuel bumup and control rod movement during the core lifetime, the power distribution
within the core varies during the fuel cycle. This variation is presented in Fig. 1.12, which shows the
calculated relative power density (defined as the local power density at each location divided by the
average power density for the core) as a function of position in the fuel for each fuel element at three
times within the cycle. For these calculations, the grid size over which the fuel is graded is coarser
than that used in the neutronics calculations, which results in the “steps” noted in the relative power
density profiles. The highest relative power densities and the highest hot streak ratio (defined as the
ratio of bulk coolant temperature rise along the hottest axial streak divided by the average bulk
temperature rise in the core) for each core half are presented in Table 1.2.

Table 1.2. Peak power densities and hot streak
ratios for the L7 core design

Time in Peak relative Hot streak
cycle (d) power density ratio
Upper core 0 220 1.32
425 2.12 1.23
8.50 2.05 1.12
12.75 1.90 1.21
17 ' 1.78 1.57
Lower core 0 231 1.76
425 _ 2.29 1.49
8.50 2.08 1.20
1275 1.53 0.96

17 : 098 L 074
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1.3 TRIP SIGNALS, SET POINTS, AND TIME DELAYS

Seven separate trip signals from the primary reactor system serve to cause scram of the reactor.
These signals are described below.

1. The trip on power-equivalent-flux/flow ratio uses measurement of neutron flux (continuously
calibrated to agree with the thermal power) and the coolant flow rate. This measurement is designed
to prevent rapid overpower of the reactor. The scram set point for this variable is 115% of nominal.
The overall time response of this signal is ~200 ms.

2. A trip is also generated on an excessive rate of change of neutron flux signal. This trip
produces shutdown action significantly faster than does flux level for some very fast reactivity
transients. A scram signal is generated when the rate of change is >20%/s.

3. A core thermal overpower trip is also included in the safety system. This trip signal is
generated when the core thermal power (as defined by the flow rate-core temperature rise product) is
115% above normal. The time response of this signal is ~2 s.

4. A low core outlet pressure trip is activated when the core outlet pressure reaches 80% of
nominal. The pressure sensor response has a 30-ms dejay.

5. A high inlet temperature signal (defined as 120% of the nominal value) on any one of the
three active coolant loops also initiates a scram signal. The time response of the temperature sensors
is <2s.

6. Low coolant flow rate (a tentative level has been set at <80% of nominal) also generates a
reactor trip. This measurement has a time response of <1 s.

7. High fission product activity within the primary system also serves to trip the reactor. If the
fission product levels exceed 150% of background, the scram signal is generated. The time response
of this sensor is <2 s.

Other trip signals are also mcluded in the safety system. These mclude trips generated by off-
normal conditions in some of the reflector tank components or experimental facilities as well as
seismic-activity trips. A detailed discussion of the safety shutdown system is presented in the
conceptual safety analysis report (CSAR).

In addition to the response times discussed above, additional delays are caused by electronic
processing (<5 ms) and the central control rod scram latch release mechanism (<25 ms). The
control rods insert a minimum of $1 negative reactivity in 70 ms. This reactivity insertion rate
requires two of the three central rods functioning (if the rod positions are initially at the minimum
reactivity worth location). The full stroke insertion time of the central control rods is a maximum of
250 ms from any starting position.

The independent, outer shutdown rod system is located in the reflector tank region; each of the
eight rods is in a withdrawn position under normal operation to avoid perturbing the neutron flux.
This positioning places the rods in a region of relatively low differential reactivity and requires high'
accelerations and a large insertion movement to counteract transients.

1.4 DESIGN BASES AND ACCEPTANCE CRITERIA

Five criteria must be met to ensure adequate cooling of the reactor core. Together, these criteria
constitute the acceptable fuel design limits defined in 10 CFR 50, Appendix A. The operational
envelope addressed by these criteria includes steady-state or anticipated transient operation to any
condition allowed by the reactor protection system. The criteria are enumerated below.
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1. Heat flux from the fuel plates must not exceed the critical heat flux (CHF) or flow
excursion (FE) limits, beyond which steam blanketing is possible. Should steam blanketing occur, this
criterion must be met at a very high nonexceedance probability level because of the likelihood of fuel
damage. A probability level of 99.9% is used for normal operation and anticipated events, while 95%
is used for unlikely events.

2. Maximum fuel temperature for normal operation must remain below 400°C throughout the
fuel cycle to prevent fission gas swelling of the fuel meat with accompanying reduction in plate-to-
plate coolant gap. Short excursions >400°C for off-normal events are acceptable as long as the
duration and magnitude are limited to prevent unacceptable fuel swelling.

3. The temperature drop across the oxide film on the fuel plates must remain <119°C during
normal operation and anticipated events to prevent oxide spallation.

4. The inlet coolant velocity within the fuel plates must be limited to maintain fuel plate
stability. The nominal design velocity of 25 m/s was established by applying uncertainties and margins
to the limiting velocity (47 m/s). Criteria 2-4 are applied at a 95% nonexceedance probability level.
(A 95% confidence level on the determination of nonexceedance probability was applied to both 95
and 99.9% probability levels.)

5. The temperature of all intemal structures and components must be limited appropriately. For
example, aluminum temperatures in components with structural responsibility must be maintained
below 149°C!

Two additional auxiliary design basis criteria have been established—one for normal operation
and one for design basis rupture of the outer boundary of the double-walled CPBT. The first requires
that, during normal operation (including minor variations from nominal conditions), no boiling shall
occur at any point within the core. Operational benefits accrue from the no-boiling criterion because
any detection of boiling may be interpreted as an indicator of abnormal operation that might benefit
from automatic or manual intervention.

The other auxiliary design basis criterion is that the inner boundary of the dual-boundary CPBT
must be maintained in compression during normal operation. If this is accomplished, there is no
possibility for cracks to grow in the inner CPBT; in the event of a design basis rupture of the outer
CPBT, the inner CPBT would be able to withstand primary coolant pressure during the ensuing
blowdown. The compressive force on the inner CPBT during normal operation is determined by
orifices in the core bypass path.



2. CODES AND MODELS USED TO DEVELOP THE THERMAL-HYDRAULIC DESIGN

This report documents only the codes and calculations used to design and evaluate normal
operation, and some anticipated events. Other calculations®® have been used to examine the transient
T/H response of the reactor. The statistical methodology discussed here, however, covers both the
methodology used in the codes and calculations documented in this report, as well as the transient
calculations in the references cited above.

2.1 CORE REGION TURBULENT FORCED CONVECTION

A steady-state T/H code, TASHA (Thermal Analysis of Steady-State Heat Transfer for ANS)
has been developed to perform core T/H design. The code is based upon an existing one developed in
support of the HFIR.*’ Space- and time-dependent relative power density profiles, generated with
detailed two-dimensional (2-D) (r,z) neutronics calculations, are used as input to this code. TASHA is
designed to calculate maximum allowable powers using user selectable limiting criteria of maximum
centerline temperature, maximum oxide temperature drop, incipient boiling (IB), CHF, and FE.
Although the code includes two-phase limits, such as FE and CHF, the convective calculational
capabilities (i.e., heat transfer coefficient and friction factors) are limited to single-phase conditions.

In the analysis, the radial coordinate within each fuel element (and the relative power density
profile) is translated into the spanwise direction (along the arc length of the fuel plate). Coolant
channels are then assumed to be bounded by flat plates with a width equal to the fuel plate span.
Three separate channel types are analyzed—one with an average coolant gap, one with a minimum
coolant gap, and one with the maximum allowable coolant gap.

Each channel is split into spanwise subchannels and axial cells forming a grid on the fuel plate
(see Fig. 2.1 for a diagram and the equations solved). An energy balance and dynamic and frictional
pressure gradients are calculated across each axial cell. Mass flow through each subchannel is
iteratively solved by forcing the overall pressure drop across each subchannel to be equal to the
specified core pressure drop. Losses resulting from entrance and exit effects are accommodated in the
code using standard loss coefficients, while frictional pressure drop is calculated using a friction
factor correlation. All appropriate property values are assumed to vary with temperature along the
channel. Correlations for the properties of both light and heavy water have been developed and their
errors quantified in ref. 8.

Each cell within the grid has an associated local relative power density within the fuel plate
that is calculated via neutronics considerations. A forced convection heat transfer correlation is used
to determine the local water/oxide interface temperature. Temperatures at the interfaces between the
oxide and fuel clad, and the fuel clad and meat, along with the fuel centerline temperature are then
calculated from their thermal properties with a one-dimensional (1-D) conduction model.

As described in Sect. 4.5.2, off-line 2-D conduction analyses have been performed to evaluate
temperature and heat flux distributions around fuel defects for which more detailed modeling is
required. These calculations will be used to “tune” (or replace) the 1-D model in TASHA and to
provide the capability to predict limiting fuel plate temperatures accurately. Heat flux peaking
resulting from fuel defects is specified in TASHA based on the 2-D analyses.

A significant number of revisions have been made to the original HFIR code, both to perform
Monte Carlo uncertainty analysis and to update and to add thermal limit criteria for ANS design

purposes.
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The series of correlations that are discussed in Sect. 3 were incorporated in the code by replacing
existing correlations (exceptions noted below). Additional modifications include changes to the code
logic, the addition of several new thermal limit criteria, and changes to allow basing oxide growth on
the calculated maximum power, if desired.

The HFIR code was modified to include additional thermal limits based on fuel centerline
temperature, oxide temperature drop (the onset of spallation), plate surface temperature less than the
saturation temperature, and FE. Any number of these constraints can be used with or without the CHF
or IB limits used in the HFIR versions of the code to calculate the core power limit. Maximum
allowable centerline temperature and oxide temperature drop are now input to the code.

Two FE correlations have been installed in the code—one from Costa described in Sect. 3,
which is the correlation presently used for design, and the Moritz’ correlation, which is incorporated
into the code for comparison purposes. The user may select either correlation. The Moritz correlation
is formulated as:

g 9.995 x 10° V (T, - T @.1)
Moritz (1.2 + 0.7708%) ’

where

9" oz = local heat flux (kKW/m?),
V = coolant velocity (m/s),

T,, = saturation temperature (K),
T, = bulk coolant temperature (K);

while the Costa correlation as used by ANS is:

q” = v Ttee = T (2.2)
Caxia 0.0128 ’

where

q"cona = local flow excursion heat flux (kW/m?),
V = coolant velocity (m/s),

T,... = saturated exit temperature (K),

T, = bulk coolant temperature (K).

Either of these comrelations can be selected for use where the calculated heat flux is compared to the
hot streak or hot spot value at the user’s option. \

The code was also modified to enable calculation of an oxide film thickness that is
“consistent” with the calculated maximum power (i.e., the oxide thickness is calculated based on the
maximum power). This calculation provides a realistic estimate of the true maximum nominal
(continuous) power level without exceeding the centerline temperature limit or spallation criteria.
When the calculated maximum power is above nominal and the interest is in brief power excursion
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margins or simply the margin from nominal conditions to the maximum power, this option should not
be used.

The oxide growth rate correlation discussed in Sect. 3 was added to the code so that the user
can select either the Griess correlation (originally in the HFIR code as given below) or the ANS
Correlation I (Eqs. 2.4 and 2.5). The Griess correlation is:

x, = 11252 U9 £ exp [-4600/(T,,. + 273)] , 2.3)
where

x, = oxide thickness at time t (um),

U9 = the uncertainty factor for the oxide correlation (unitless),
t = time (h),

T, = oxide coolant interface temperature (K).

The ANS Correlation 1 is defined as:
x, = U™ + 1351 k- 1), 2.4)

where

x, = oxide thickness at time t (um),

U9 = the uncertainty factor for the oxide correlation,

x, = oxide thickness att = 0 (pm),

k, = 6.992 x 10° exp [-7592/(T, - 10¢)] um'**/h [with T, = bulk coolant temperature (K) and
¢ = local heat flux (uW/m?)],

t = time (h).

A similar user selectable friction factor option was also incorporated. The two friction factor

correlations in the TASHA code are the HFIR friction factor correlation (also in the original HFIR
code)

f=FRe? 2.5)
where
f = friction factor,

F = constant,
Re = Reynolds number;



and the Filonenko correlation:

5, = 110875 - 01125 @g9)] [7 - (#JM} ’ @.6

(1.82 log,, Re, - 1.64)

where

Jp = friction factor (Darcy formulation),

b = gap of a rectangular channel or annulus (m),
§ = span of a rectangular channel (m),

u, = bulk dynamic viscosity (Pa - s),

sy = wall dynamic viscosity (Pa - s),

Re, = bulk coolant Reynolds number.

Other modifications to the HFIR code are described vbelow.

1. In some cases, convergence problems occurred in calculating the wall temperature, T,,,
using the Weatherhead correlation during a maximum core power search. The cause was a high guess
(try) of the core power, which caused the calculated bulk coolant temperature, T}, to be higher than
the saturation temperature, 7,,, and resulted in a negative calculated CHF. This problem was fixed by
checking to ensure the calculated CHF was >0, and, if not, it was set to 0. Checking the CHF
allows the maximum core power search to continue and the valid maximum power to be determined.
In addition, a check on the number. of iterations used to calculate 7, was implemented, and, if the
number exceeded 100, the calculation was terminated and an error message written.

2. It was found for some cases that the code can converge to a maximum power that has
subchannel(s) with exit temperatures greater than the saturation temperature. Since the code only
accounts for single-phase flow, this is an erroneous solution. A new power limit flag was
implemented to prevent such erroneous solutions.

3. During the investigation of the problem described in item 1, it was found that the
convergence algorithm for core maximum power was not working properly (nonconverging
oscillations) in some cases when CHF was limiting. For this limiting phenomenon, the Newton-
Raphson method, which had been used, was replaced by a simple method that estimates the new
maximum core power as the average of the previous and current estimates.

4. Revisions were made with regard to the treatment of hot streak uncertainties (see
Sect. 4.2). The code was revised to allow unique integrated hot streak uncertainty factors for each
axial position in the fuel element mesh. These factors are contained in an array. This array is
normally divided into only two regions, each of which uses only one value for the factor [e.g., one
for the entrance (lower half of each fuel element) region of the core and one for the exit (upper half
of each fuel element) region]. The exit valve was developed by appropriately averaging “local”
(~1.27 cm length), potentially above nominal fuel loadings (as high as +10%) along the entrance
half of the fuel element. These factors are then used to account for hot streak uncertainties in the bulk
coolant temperature. A different “hot streak” uncertainty factor is used in determining the oxide
buildup and for evaluating FE limits. Since these phenomena can be limiting on a local basis, it is not
conservative to use “length-averaged” values contained in the array. Thus, the code was revised so
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that hot streak uncertainties are accounted for on both an “integrated” (bulk coolant temperature) and
local (heat flux) basis. Additional changes were made with respect to the hot streak in the manner in
which the fuel element temperature rise is calculated. The temperature rise is used to calculate the
average channel temperature for the purpose of calculating coolant physical properties. Previously, the
temperature rise was calculated based on an average of appropriate array values; it is now based on
the exit array value. This calculational change is important because the limiting condition is generally
near the exit, and since it will lead to a lower (and therefore conservative) calculated coolant velocity
at locations away from the exit.

5. The code was revised to allow analysis of HFIR thereby providing a better code for HFIR
analysis since the TASHA code contains correlations more appropriate to HFIR (i.e., Gambill/
Weatherhead CHF, modified Filonenko friction factor, and Petukhov forced convection heat transfer
correlations). The code also allows the analysis of HFIR with the additional thermal limits provided.
With the code, HFIR safety margins can be better estimated for comparison to those desired and
eventually achieved for the ANSR. The HFIR option can be selected in the input field along with
specification of the correct coolant. With this option, HFIR specific fuel deflection analysis and
nonbond treatment are also invoked. Note that when the latter is invoked, the localized fuel
nonhomogeneity factor is appropriately combined with nonbond effects (modeled with “hardwired”
correlations) to provide a net hot spot peaking factor that accounts for variations in fuel meat
thickness and in the forced convection heat transfer coefficient. For the purpose of evaluating nominal
conditions in HFIR (i.e., “no uncertainties™ calculations), the input can be altered so that this
“hardwired” uncertainty treatment is bypassed. A corresponding nonbond mode! for ANSR has not
yet been developed. Currently, this model is intended to employ a tighter nonbond inspection criterion
for ANSR fuel plates than used for HFIR, thereby reducing the impact of nonbonds on ANSR
performance. However, the impact of nonbonds will not be insignificant and will need to be
accounted for, possibly with ANSR specific correlations as performed for HFIR. The combined effect
of localized fuel nonhomogeneity and nonbonds is currently accounted for by evaluating their net
effect off-line (in separate calculations) and then using this result (peaking factor) as input for the
localized fuel nonhomogeneity factor.

The HFIR core code calculates the maximum achievable core power based on the most
limiting location in the core that could be in either fuel element. This is the proper approach when
worst case uncertainty assumptions are made. However, for Monte Carlo uncertainty analysis,
limiting conditions for sample fuel plates are needed to determine the probability distribution
characterizing the core maximum power if sampling is performed on a plate level.

The selection of an appropriate sampling strategy (i.e., plate, core, or combination) has not
been made. If plate level sampling is used, then, in order to determine the core power distribution,
the power distributions for plates in the upper and lower core must be determined. These two plate
distributions can then be statistically combined to produce the core distribution. In this combination,
consideration of the number of plates in each element is required.

Thus, with the requirements described above, it was necessary to modify the code to calculate
power limits based on sample plates in both fuel elements separately. In addition, the code was
modified to determine the maximum power limit for plates in each element throughout the fuel cycle.
Then, again for plates in each element, the most limiting power calculated during the cycle is used to
establish the maximum power limit. Alternatively, at the user’s option, the code can also be executed
using the original core limiting method (i.e., for sampling on a core level). In this case, the “worst”
plate in either fuel element establishes the power limit. Additionally, as with the plate limiting
method, the most limiting power calculated during the cycle is used to establish the maximum power
limit.
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The application of the hot streak uncertainty to the FE limit as discussed in item 4 is based on
phenomenological considerations. The phenomenon of FE in a parallel channel configuration (as in
the ANSR) occurs because of the pressure drop flow rate characteristics of two-phase flows. Because
of additional flow resistance caused by void formation within a heated channel in excess of the single-
phase flow resistance, the pressure drop/flow rate curve (for constant heat addition) has a region of
negative slope where a slight decrease in mass flux within the channel causes an increase in pressure
drop. This region of operation is unstable and could result in flow redistribution between the parallel
channels leading to flow starvation, causing the fuel plate to overheat and eventually melt.

Because this phenomenon requires a certain amount of boiling (or two-phase flow) to exist
within the channel before it can develop, a certain boiling length (as yet undetermined) would be
required to initiate FE. In addition, because FE is typically applied to a single coolant channel, a
certain width of channel must be affected before FE can initiate on a channel basis. For these reasons,
the local hot streak factor has been applied to the local heat flux when evaluating the FE limit. This
factor includes the possibility of having 10% excess fuel loading over a region 12.7-mm long and
2-mm wide. It is presently expected that this assumption will be conservative since the pressure drop
imposed by boiling over this small region of the fuel plate would be small compared to the overall
pressure drop within the channel. This assumption will be verified analytically and via planned
experimentation as the project progresses. A detailed discussion of all of the factors entering into the
uncertainty factor applied to the FE limit is presented in Sect. 4.

Currently, a fuel segregation/nonbond factor is applied to the local heat flux when evaluating
the CHF and IB limits. This factor includes a component accounting for a 2-mm diam spot that can
contain 20% excess fuel loading (or fuel segregation) and a factor that accounts for the possibility of a
nonmetallurgical bond of 1-mm diam occurring between the fuel and the aluminum. (This nonbond is
described more fully in Sect. 4.). These limits are enforced by the fuel inspection techniques
discussed in Sect. 4.2. The two factors—fuel segregation and nonbond—combine to cause a localized,
high heat flux region on the fuel plate. This treatment therefore assumes that the CHF limit is a local
phenomenon. In fact, CHF limits for localized hot spots are generally much higher than those
predicted using correlations developed for average channel conditions (as is the correlation used in
this analysis), and this assumption should therefore lead to conservative results. The magnitude of the
effect of the hot spot on the CHF limit will be addressed experimentally as the project progresses.

2.2 CORE REGION LAMINAR FORCED CONVECTION AND NATURAL CIRCULATION

Natural circulation calculations while the core is contained within the primary circulation loop
have been performed using transient T/H codes. These calculations have been reported elsewhere® and
are beyond the scope of this report. However, a brief discussion of natural circulation results with the
core in the primary system is presented in Sect. 5. Natural circulation cooling of the core when it is
external to the coolant loop and laminar core flow situations have been evaluated using a modified
version of the code NATCON.' The NATCON code analyzes the steady-state natural convection
thermal-hydraulics of plate-type fuel used in many research reactor designs. The code calculates the
coolant flow rate and axial temperature distributions within the coolant, at the fuel plate surface, and
at the fuel plate centerline. Flow is driven by density differences between the coolant and a
surrounding constant temperature coolant pool. The flow velocity is obtained by equating the coolant
buoyancy and viscous forces. The code was modified to improve its predictive capabilities by altering
and extending both the Nusselt number and friction factor relationships. In addition, physical property
subroutines for light water were replaced by heavy water subroutines. -
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The Nusselt number correlation for an upward vertical flow in a heated rectangular channel

proposed by Sudo et al." was used instead of the numerical data from Wibulswas'? in the original
code:

Nu = 2.0/(X%%3 (for 0.0 < X* < 0.4) , 2.7

where

Nu = the Nusselt number,
X® = nondimensional length.

The above correlation takes into consideration the thermal entry length, and, for all cases investigated
here, X" remained <0.4.

The friction factor correlations from Eckert and Irvine® were replaced by the following
correlations. The correlation for fully developed laminar flow" (Re < 2140) is:

fr = @3.532Re) (n, fu, )" 2.8)

where

Jfr = Fanning friction factor,
Re = Reynolds number,
ps/p,, = viscosity ratio term from Bonilla.'

For transitional flow, an interpolation between laminar and turbulent fraction factors is nsed
(2140 < Re < 4240):

fr=0011 (Pbllv'-w)—o'n . 2.9

For turbulent flow, the Filonenko friction factor is used (see Sect. 3).

The inlet and exit pressure losses were calculated as half a dynamic head and one dynamic ‘
head respectively (based on inlet conditions).

2.3 NONFUEL COMPONENTS

Thermal analysis has been performed on a number of noncore components, including the core
side plates, the CPBT, the inner shutdown and control rods, and the outer safety rods. Both 1- and
2-D finite element analyses have been performed. The general procedure at this point in the project
has been to begin with hand calculations, proceed to 1-D analysis for initial scoping and sensitivity
analysis, and then use 2-D finite element analysis when necessary.
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Hand calculations have been effective for many first-cut, scoping type calculations and for
checking code results. Because of complex intemnal heat generation rates, film coefficient correlations,
and fluid properties, as well as the requirement for sensitivity studies to evaluate altemate conditions,
several computer codes have been incorporated in the analysis. The major codes that have been used
to date are TK Solver,”” Mathcad,'* PATRAN,” and P/THERMAL.”® Each code is briefly described
below.,

2.3.1 TK Solver

TK Solver is an equation solving software that runs on several platforms, including DOS, Mac
OS, and UNIX. The software is available from Universal Technical Systems, Inc., and is a rule-based
programming language that can work directly with a mathematical description of the heat transfer
problem without requiring sequencing of the operations to be performed. TK works with two major
kinds of objects—rules (or equations) and variables. The following classes of objects are also
available: lists of values; functions (built-in or user defined); unit conversions; and plot, table, and
format specifications. ; ,

The modular nature of TK Solver has been ideal for setting up ANS heat transfer problems.
Equations that describe material property correlations, transport properties, and other correlations, such
as Reynolds number and convective film coefficient correlations, have been developed as TK
functions. Functions are similar to subroutines in FORTRAN. The major difference between functions
and FORTRAN subroutines is that the equations do not have to be sequenced. Information, such as
heat generation tables, can be read directly into TK and used as table functions. Table functions are
called like subroutines and relate empiric or descriptive data. The following is a partial list of the types
of functions that have been developed for ANS work:

D,0 properties (specific heat, conductivity, density, viscosity, saturation temperature),
H,0 properties (specific heat, conductivity, density, viscosity, saturation temperature),
forced and natural convection heat transfer coefficients,

friction factor correlations,

boiling correlations (incipient boiling, critical heat flux, etc.),

o oxide growth rate correlation, and

s intemal heat generation tables for various components.

Each function caxi be copied into other models like subroutines and used in a modular fashion.
TK models have been developed for a variety of noncore components, but the generalized models
can be applied to a variety of components. The following general models have been developed:

o 1-D cylinder with constant internal heat generation and forced or natural convection cooling on
both sides;

o 1-D cylinder with linear radially distributed intemnal heat generation and forced or natural
convection on both sides;

» 1-D cylinder with oxide corrosion layers on inner and outer surfaces and constant intemal heat
generation;

o 1-D cylinder with IB and CHF calculations on the inner and outer surfaces; and

» multisegmented cylinder with axially varying internal heat distribution, energy balance in cooling
fluid with calculated bulk temperature used to determine convection coefficients, and varying
annular coolant gap geometry.
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A sample TK model for CPBT analysis is described below.
The TK model is based on the following assumptions.

+ Property values for D,0O are a function of temperature and are based on correlations developed by
Crabtree and Siman-Tov.®

o The CPBT is assumed to be cooled by forced convection on the core side and by natural
convection on the reflector tank side.

o The Petukhov film coefficient correlation (discussed in Sect. 4) is used for core side forced
convection film coefficients. The Dittus-Boelter correlation is included as a check and to improve
initial convergence.

2.3.2 Heat Generation

The internal heat generation values were based on Idaho National Engineering Laboratory (INEL)
generated curves [multiplied by a factor of 1.25 to account for the differences between the beginning-
of-cycle (BOC) heating rates and those expected at end-of-cycle (EOC)]2' In order to use these
calculations, the axial stepped values were read off the curves, then entered into a TK list function.
The values were then scaled to the required power levels for service levels A and B as follows:

= Service Level A at 355 MW(f) and an inlet cooling temperature of 51°C, and
= Service Level B at 399 MW(f) and an inlet cooling temperature of 55°C.

The heat generation tables were then converted from a mass basis (W/g) to volumetric basis (Wmd).
2.3.3 Conduction Model

The conduction model was based upon the derivation given by El-Wakil.? The following
assumptions were made.

» The volumetric heat generation rates were adjusted for a power level of 355-362 MW.

e The CPBT wall thickness was assumed to be 8 mm but can be varied from 8-16 mm.

« The inner gap annulus between the core and CPBT is either 3 or 5 mm depending on the axial
location.

» The outer CPBT radius is cooled by natural convection on the reflector tank side.

« The CPBT is assumed to be a cylindrical shell of length 1.78 m.

« Aluminum properties, such as density and conductivity, are assumed to be constant.

« The intemal heat generation term is assumed to be constant over the radial distance of the CPBT
but can vary over the axial distance.



2-11

The steady-state heat conduction equation for a cylinder with constant internal volumetric heat
generation is the 1-D Poisson equation in cylindrical coordinates:

4T 14T ¢" _, 2.10)
ar r d k ,

where

T = temperature (K),

g~ = volumetric heat generation rate (kW/m?),
r = radius (m),

k = thermal conductivity (kW/m - K).

The solution of this differential equation is:

2
T = —q”’-‘%; + Clor + C, 2.11)

where

T = temperature (K),

q" = volumetric heat generation rate (kW/m?),
r = radius (m),

k = thermal conductivity (kW/m « K),

C, = constant of integration,

C, = constant of integration.

The constants of integration C, and C, are evaluated from the boundary conditions for the system:
T=Taar=r,and7T=T,atr=r,
After substituting the boundary conditions and solving for the constants of integration the
following expressions are derived:
i

-ry-9_ 42 -
@ -1n-L -

r
In-2
f 2.12)
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where

T, = outside temperature (K),

7, = inside temperature (K),

q” = volumetric heat generation rate (kW/m?),
k = thermal conductivity (kW/m - K),

r; = inside radius (m),

r, = outside radius (m).

(4

The maximum temperature within the CPBT wall can be determined by setting dT/drto O atr = r,

as follows:

"
a _ _g¢”, G
dr 2k r
" C
0:-—1_’-.'4-_._1
2k r,

2 _ ., k

where

T = temperature (K),

r = radius (m),

q” = volumetric heat generation rate (kW/m?),
k = thermal conductivity (kW/m + K),

C, = constant of integration from Eq. (2.12),
r,, = maximum radius (m).

The surface heat flux can be calculated from the Fourier equation as follows:

dT

= k4 &L
q dr

?

and

2.13)

(2.14)
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where
q = surface heat flux (kW/m?),
k = thermal conductivity (kW/m>),
A = area (m®),

T = temperature (K),

r = radius (m),

q”™ = volumetric heat generation rate (kW/m®),
C,; = constant of integration from Eq. (2.13).

Substituting for the inside and outside radii gives the following expressions:

m o C
Qi=—kAi(~% ri+-—1-] »

r

and ' , 2.15)

where

Q. = inside heat flow (kW),

k = thermal conductivity (kW/m?),

A; = inside area (m?),

q” = volumetric heat generation rate, (kW/m?),
C, = constant of integration from Eq. (2.13),

r; = inside radius (m),

Q, = outside heat flow (kW),

A, = outside area (m?),

r, = outside radius (m).

2.3.4 Convection Model
The heat transferred to the coolant can be expressed as:
Q=hc AT, - T)) , @2.16)
where
Q = heat flow kW),

hrc = forced-convection heat transfer coefficient kW/m? - K),
A = area (m?,
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T,, = wall temperature (K),
T, = bulk coolant temperature (K).

For the outside and inside surfaces of the CPBT the following expressions apply:

Qo = FC,0 Aa (To - Tb,o ’

and
2.17)
Q= hee, 4 (T -T,) ;

where

@, = outside heat flow (kW),

hge, = forced-convection heat transfer coefficient, outside (kW/m? - K),
A, = outside area (m°),

7, = outside temperature (K),

T,, = outside bulk temperature (K),

Q; = inside heat flow (kW),

hge; = forced-convection heat transfer coefficient, inside (kW/m? - K),
A; = inside area (m?),

7, = inside temperature (K),

7,, = inside bulk coolant temperature (X).

2.3.5 Heat Transfer Film Coefficient

The single-phase turbulent Nusselt number relationship for the inside surface of the CPBT model
is discussed in Sect. 3.

2.3.6 Heat Balance

The heat balance on the inner channel between the core side plate and CPBT is expressed as
follows:

Qu=pVC (T, -T) , 2.18)

where

Q.. = total heat flow (kW),

p = coolant density (kg/m?),

V = coolant velocity (m/s),

C, = mean coolant specific heat (kI/kg - K),
T, = exit temperature (K),

T, = inlet temperature (K).
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For this analysis, it was assumed that all of the heat generated in the core side plate would be
deposited in the coolant annulus between the side plate and CPBT according to the following energy
balance:

Qu=0,+0 , 2.19)
where

Q.. = total heat flow (kW),
Q, = side plate heat flow (kW),
Q; = inlet heat flow (kW).

2.3.7 Corrosion Layer

The aluminum oxide corrosion layer was assumed to follow the Kritz® correlation, which was
developed under low heat flux conditions:

x = 6.531-¢7 - t°‘me('“.‘°m"°) ' 220

where

x = oxide thickness (um),

q”" = local heat flux (kW/m?),

t = 8736 h (1 year of operation),

e = 2.71828,

7., = oxide coolant interface temperature (K).

T

2.3.8 Model Setup and Execution

The TK Solver model cailculates the surface and maximum temperatures within a cylindrical
shell with constant internal heat generation. The energy balance determines the outlet coolant
temperature in the shell segment with a given inlet temperature. Since the internal heat generation
rates depend on the axial distance from the core midplane, the CPBT model was broken into 100
cylindrical elements starting at the lower seal area to an area 586-mm above the core midplane. The
top and bottom distances and the number of axial segments are input into the model. A setup function
is then run that builds tables of the heat generation vs axial position interpolating values from the
INEL tables. The setup function then adjusts the power level for the service condition and calculates
the velocity in the CPBT/side plate annulus based on the appropriate coolant channel gap. Lists are
then generated for the velocity, area, and hydraulic diameter for each segment.

The TK Solver program solves simultaneous equations with a modified Newton method. 1t
requires initial guesses for some variables. For the CPBT model, the following variables were
assigned initial guess values:

¢ T, the average bulk coolant temperature;
® T, the inside CPBT surface temperature;
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« T, inside surface temperature of oxide layer; and
e T,. oxide/coolant interface.

In the list solve mode, the equations are solved in a function named “IF SOLVED.” This
function determines if every equation has been solved and then calls a *“switch” function. The switch
function saves the element number that has just been solved and places the exit temperature of this
element into the inlet temperature array for the next element. This continues for all 100 elements,
providing a running energy balance on the coolant flow. The calculated average bulk temperature is, in
tumn, used to determine the fluid properties and the film coefficients.

2.3.9 Mathcad

Mathcad is an equation solving software package developed by MathSoft, Inc. This software
package allows for the input of equations as they are generally presented. Mathcad has been used as a
verification tool for TK Solver models and to evaluate results of finite element models.

2.3.10 PATRAN P/THERMAL

The PATRAN P/THERMAL combination is a finite element analysis code developed by PDA
Engineering. PATRAN is the pre- and postprocessing code that is used to create the analysis geometry.
Grids, points, lines, 2-D patches and three-dimensional (3-D) hyperpatches can be generated to
describe the component geometry. The model can then be meshed with various automatic or manual
meshing tools and appropriate boundary conditions, such as surface convection coefficients, and initial
conditions, such as internal heat generation rates, can be applied. The geometry is then output in the
form of a generic ASCII file called a “neutral file.” The neutral file is then converted by
P/THERMAL into a resistor capacitor type of network and solved for steady-state or transient
temperature distributions. The resulting nodal results file can be read back into PATRAN, and fringe
or contour plots of the thermal solution can then be generated. ,

A number of components have been analyzed with finite element methods. Models include the
CPBT, the core side plate, the inner control rod, and the outer control rod. The typical procedure is to
build a 2-D geometry of the component with the PATRAN preprocessor. The geometry is then
meshed. Material identity numbers are assigned to the geometry and boundary conditions, such as
constant coolant temperatures and convection surface boundaries. An input template is then prepared
that contains material identification (ID) numbers and convective boundary conditions. Other files are
generated that contain the material properties and inputs, such as heat generation rates and coolant
velocities. The model is then submitted to the P/THERMAL analysis code for the steady-state solution.
P/THERMAL produces a nodal temperature file, This file is read back into PATRAN, and contour or
fringe temperature distribution plots are then prepared.

A unique capability of P/THERMAL is the ability to include fluid elements within the finite
element geometry. These elements represent the coolant channels. Convective boundary conditions can
then be applied to the fluid elements, and convective configurations can be selected from an extensive
list of functions. For the ANS work, the heat transfer configuration that calculates film coefficients is
based on the Petukhov correlation. The edges of fluid elements can be meshed with advective bar
elements. These are special elements that will use an energy balance to determine the bulk fluid
temperature as the coolant heats up. The bulk and surface temperature nodes are then used to
determine properties and the convective film coefficient.

When a long axial model is built (e.g., the CPBT model), it is desirable to include the axial heat
generation profile in the model. PATRAN can include this profile in a number of ways. One method
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that has been used for ANS is to generate a 2-D table of heat generation rates vs axial position and
then apply it to the PATRAN geometry. PATRAN then determines the centroids of each element,
interpolates the table, and assigns a volumetric heating rate to each element.

In PATRAN, geometric models are built, meshed, and then boundary conditions are applied. As
each step is performed, a session file is produced including every command that was issued. A 2-D
model can contain ~24 commands that describe grid position, lines, 2-D patches, meshing of patches,
material identification, and applied boundary conditions. The session file can be input to PATRAN,
and the model can be recreated. This capability allows easy modification of input parameters by
editing the session file and rerunning it. The effects of changing parameters, such as heat generation
rates, materials, and coolant velocities, can be determined by editing the session file, processing it to
make a new model, and submiiting the model to P/THERMAL for analysis.

Some components, such as the inner and outer control rods, require both an axisymmetric and
1/© model to provide an adequate analysis of the temperature distribution. Figure 2.2 is a model of one
of the recent control rod configurations. The figure shows the material sections of the rod and the
constant heat generation rates that were applied. The axisymmetric model has been rotated 180° and
shaded to show how the components are connected. Figure 2.3 is the temperature distribution in the
completed model. In this particular model, the contact region between the outer Inconel and the
aluminum carrier tubes shows an elevated temperature that exceeds the design temperature of the
aluminum.

2.3.11 Other Codes

On occasion other codes have been used for verification and checking. These codes include the
Advanced Continuous Simulation Language (ACSL).* ACSL is a differential equation solver package
and was used to evaluate natural circulation for transient shutdown conditions.

HEATING 7% is another finite difference code that has been used for verification of
P/THERMAL results. The HEATING 7 code was developed at ORNL.
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Inconel 600 40 W/g

Hafnium 40 W/g

Titanium 30 W/g

Aluminum 30 W/g

Fig. 22. Axisymmetric model of a section of an inner control rod showing materials and
heat generation rates.
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Fig. 2.3. Finite element model of an inner control rod showing temperature distributions in
the aluminum/Inconel screwed connection.






3. CORRELATIONS AND PHYSICAL DATA

The T/H correlations and the physical data involved in performing the T/H design of the reactor
are listed and described in this section. The basis for this T/H design, including thermal limits, the
choice between CHF vs FE as a thermal limit, and the application of these limits, is described in
Sects. 2 and 6. The statistical uncertainty analysis, including the statistical peaking factor approach, is
described in Sect. 4.

3.1 CORRELATION SELECTION

This section describes the T/H correlations currently used for the ANSR T/H nominal steady-
state design and analysis. These correlations were initially selected based on literature evaluation and
subsequently compared with a data base that was compiled specifically for the ANS range of
conditions. Because the ANS T/H design is based on a statistical/probabilistic uncertainty analysis for
determining the desired safety margins (see Sect. 4), there was a need to quantify the uncertainties
involved through statistical evaluation of the data against a selected number of correlations in each
T/H category. This evaluation was performed in a preliminary way based on the correlations and data
collected so far and reported in more detail by Siman-Tov et al.”® Table 3.1 lists the most promising
correlations for comparison and evaluation that were selected in each T/H category.

Based on statistical evaluation of the current data base, the mean and standard deviations for
each correlation were determined, thus providing the probability distributions and a comparative
measure of how well the correlations agree with the data®™ (see Sect. 4.). An extensive data collection
and correlation evaluation is still under way to select the best correlations for the ANS conditions and
to both minimize and quantify the uncertainties. As part of that effort, an experimental T/H test
facility has been built at ORNL to provide data specifically in the ANS range of conditions? (see
Sect. 5). These improvements will be implemented as the reactor design is being detailed and will be
reported accordingly. The following T/H correlations currently in use in the ANSR design and safety
analysis are described in this section—Gambill-w/Weatherhead®? for the CHF, Costa® for the FE
heat flux, Bergles-Rohsenow (B-R)* for the IB heat flux, Petukhov® for the forced-convection heat
transfer coefficient, and Filonenko'® for the forced-convection friction factor.

3.1.1 Critical Heat Flux

The CHF (or the point of departure from nucleate boiling) is determined based on the Gambill
additive CHF correlation,”® the Weatherhead correlation™ for CHF wall temperature, and the
Petukhov correlation™ for calculating the forced-convection heat transfer coefficient (see Eq. 3.6).
These three correlations are iteratively solved to arrive at the appropriate CHF value and the
corresponding wall temperature.

3-1
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Table 3.1. Promising correlations in each thermal-hydraulic category
for comparison and evaluation

Investigator” Value® Investigator® Value®
CHF* (MW/m?) IBHF (MW/m?)
Gambill-w/Weatherhead®* 38.18 Bergles and Rohsenow™ 25.46
Bernath* (modified by Oh®) 51.83 Papel]* 26.51
Thorgerson® (modified by Davis and Anderson® 25.85
Gambill®) 57.60
Labuntsov®’ d Frost and Dzakowic* 26.13
Shitsman® (modified by d Hino and Ueda® d
Gambill®)
Bowring® d FCHTC? (kW/m’K)
Katto® d Dittus-Boelter™ 153.8
Weisman and Heslamlou* d Sieder and Tate® 146.2
Komori et al.? d Petukhov™ 178.9
FEHF* (MW/m?) Hausen* 182.3
Bowring* 183.17 Gnielinski* 167.4
Whittle and Forgan* 85.43 FCFF* (unitless)
Costa® 48.78 Pandtl,* von Karman,” and
Nikuradse® 0.015604
Saha and Zuber* 95.78 Filonenko'® 0.015580
Moritz* 51.21 Techno et al. * 0.015617
Moritz (modified)*’ 77.27 Colebrook® 0.014384
Chen® 0.015616

“Complete citations are located in Sect. 7.
*Calculated values using the Advanced Neuiron Source channel exit nominal value.

‘CHF = critical heat flux.

“Correlation not yet programmed in SAS.
‘FEHF = flow excursion heat flux.
ABHF = incipient boiling heat flux.
SFCHTC = forced-convection heat transfer cocfficient.
AFCFF = forced-convection friction factor.
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This combination is designated as the Gambill-w/Weatherhead correlation and is implemented as
follows:

Qewr = qpool..mb + Qeonvns >

qpaol.:ub = 0'18 hlv pv(agAp/pvz)O-st.mb ’
; 3.1

Fu =1+ (/o™ [CATJO8 b))

qcanv,mb = hFC (Tw - Tb) ;-
where

gegr = critical heat flux (kW/m?),

Qoo = Subcooled pool boiling heat flux (kW/m?),
G.omn = Subcooled convective heat flux (kW/m?),
h,, = latent heat of vaporization (kJ/kg),

p, = vapor coolant density (kg/m®),

o = surface tension (N/m),

g = acceleration due to gravity (9.81 m/s?),

Ap = liquid to vapor density difference (kg/m?),
F,, = subcooling factor,

p; = density of pure U,Si, (12.2 mg/mm?®),

C, = mean coolant specific heat (ki/kg « K),

AT,, = subcooling temperature difference (K),

hg = forced-convection heat transfer correlation kW/m? . K),
7,, = wall temperature (K),

7, = bulk coolant temperature (K).

In this equation, T, at the CHF point being calculated by iteration using Weatherhead’s correlation™
for fully developed nucleate boiling of water is calculated as follows:

T, = [47.7-0.127 (T,,-273.16)] (@x/3154.6)*% + T, , 3.2)
where

T,, = saturated temperature (K),
qcyr = critical heat flux (kW/m?);

and by using the Petukhov correlation® for the turbulent forced-convection, nonboiling, heat transfer
coefficient in combination with the Filonenko correlation™ for the Darcy friction factor [see
Egs. (3.6) and (3.7))].

All the physical properties in the boiling term are evaluated at the wall temperature but are not
allowed to exceed the saturation temperature, except C,, which is evaluated at 0.5 (T, + T,). For the
convective component, all properties are evaluated at the liquid bulk temperature, except u,, which is
evaluated at the saturation temperature for evaluation of CHF.
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The range of applicability of the Gambill-w/Weatherhead correlation as well as comparison of
the correlation with other correlations and with data are described in ref. 26. Statistical uncertainties
for the correlation are discussed in Sect. 4.

3.1.2 Onset of Flow Excursion (or Static Flow Instability)

The cooling channels in the ANSR fuel assembly are all parallel to each other and share
common inlet and outlet plena, which impose a common pressure drop on all of the channels. This
flow configuration is subject to FE and/or flow instability, which may occur once boiling is initiated
in any one of the channels. The FE phenomenon constitutes a different thermal limit from the stable
CHF or departure from nucleate boiling limit. In a system like the ANSR core, initiation of boiling in
one of the channels can cause redistribution of the flow between the parallel channels, leading to
continued flow reduction in that channel. This reduction in flow can lead to an actual departure from
nucleate boiling phenomenon, but at reduced mass flow compared to the nominal value. This
phenomenon can possibly occur before a true departure from nucleate boiling (at the nominal flow)
occurs,® but not necessarily s0.%

It is accepted that FE will probably occur near the conditions where sustained net vapor first
appears or where net vapor generation starts. Because the margin between the occurrence of net vapor
generation and actual onset of FE is narrow and uncertain, it is conservatively assumed in this design
that FE will occur at the point of onset of net vapor generation (ONVG). Many of the correlations
developed in the past for CHF and reported today in the open literature may actually reflect data for
FE, since some researchers were not careful to distinguish between the two phenomena. The Costa
FE correlation used in the ANSR design® was uniquely developed for the FE phenomena. The
correlation developed from rectangular channel data is:

o Ve (T - TY 33)
costa 0.0128 ?

where

q"cosra = local flow excursion heat flux (kW/m?),
V = coolant velocity (m/s),

T.... = saturated exit temperature (K),

T, = bulk coolant temperature (K).

In this equation, g "¢, is determined by the start of net vapor generation. T, ,, is evaluated at the
exit pressure, as opposed to numerical design calculations, where T, is evaluated at local pressure.
7, is evaluated at the local ONVG point, and the liquid-phase velocity, V, is evaluated at local bulk
conditions.

The constant 0.0128 in Eq. (3.3) would be replaced by 0.018 for circular tubes. The range of
applicability of the Costa correlation and a comparison of the correlation with other correlations and
with data are described in ref. 26. Statistical uncertainties for the correlation are discussed in Sect. 4.



3.1.3 Onset of Incipient Boiling

The onset of IB, which is used as one of the thermal limits at steady-state nominal operation, is
determined by the B-R™ correlation in combination with the Petukhov* forced-convection correlation
for calculating the corresponding wall temperature:

B = (Fpo) X 17978 x 10°¢ PO [1.8 (T, — T)|eoP™™h
qlB = hFC (Tw - Tb) > (3‘4)

F”z°=0'9 ;

where

g = local incipient boiling heat flux (kW/m?),

Fp = correction factor for applying the Bergles-Rohsenow correlation for heavy water,
P = pressure (Pa),

7,, = wall temperature (K),

T,, = saturated temperature (K),

hm = forced-convection heat transfer coefficient (kW/m - K),

7, = bulk coolant temperature (K).

T, is calculated by iteration through the Petukhov* correlation for the forced-convection heat transfer
coefficient and the Filonenko correlation' for the Darcy friction factor, as modified for rectangular
channels [see Eqs. (3.6) and (3.7) in Sect. 3.1.4].

All parameters are evaluated locally. For the Petukhov convective portion, all properties are
evaluated at the bulk temperature except u,,, which is evaluated at the wall temperature but is not
allowed to exceed the saturation temperature.

The B-R correlation was derived for light water only, but the method is applicable to other
fluids. Using the Davis and Anderson® correlation for IB, a comparison was made between heavy
water and light water. Based on this comparison, a correction factor was developed as a function of
pressure for using the B-R correlation for heavy water rather than light water:*

o = (@+cP+e-P g PY(1+b-P+d-PX+fP%) . 3.5)

From this correlation, it can be concluded that a correction factor of 0.9 can be used with good
approximation for the pressure range of 1.7-6.0 MPa, which covers the nominal ANS conditions.* In
order to use the correction factor for off-normal or transient conditions, the full equation should be
used. This equation is represented graphically in Fig. 3.1.

) The B-R correlation seems to be broadly accepted for predicting the IB heat flux for
“commercial surfaces,” where a wide range of cavity sizes is represented. The range of applicability
of the B-R correlation and a comparison of the correlation with other correlations and with data are
described in ref. 26. Statistical uncertainties for the correlation are discussed in Sect. 4. Since the
Davis/Anderson correlation is quite similar to the Bergles/Rohsenow correlation when used for the
same medium (at given pressure and wall superheat), it might be preferable to use the
Davis/Anderson correlation directly for heavy water rather than the Bergles/Rohsenow correlation
with the correction factor.
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Fig. 3.1. A correction factor as a function of pressure for using Bergles/Rohsenow™

correlation with heavy water.



3.1.4 Single-Phase Forced-Convection Heat Transfer Coefficient

The forced-convection heat transfer coefficient, required for most T/H calculations including
thermal limits, is determined by the Petukhov and Popov correlation,™ with some modifications for
variable physical properties and rectangular channels. The coefficient is determined as follows:

A = ky (4 I8) Re, Pr, (FJPJ&“
FC o ’ 3.
D. (1+34f) + 117 + "fn 10, 83 (2 - 1) 3.6
L

where

h.. = forced-convection heat transfer coefficient (kW/m? - K),
k, = bulk coolant thermal productivity (kW/m - K),

D, = equivalent channel diameter (m),

Jy = Darcy friction factor,

Re, = bulk coolant Reynolds number,

Pr, = bulk coolant Prandtl number,

u, = bulk coolant dynamic viscosity (Pa « s),

u,, = wall dynamic viscosity (Pa « s);

with the Filonenko correlation used for the Darcy friction factor:

_ 11.0875 - 0.1125 (b/s)]
(182 log,, Re, - 1.64)% ~

S 3.7

where

Jf: = Darcy friction factor,

b = gap of a rectangular channel or annulus (m),
s = span of a rectangular channel (m),

Re, = bulk coolant Reynolds number.

Since all parameters are either dimensionless or ratios, any consistent units can be used. All
parameters and physical properties are evaluated at local bulk conditions, except u,, which is
evaluated at the wall temperature. :

The correction factor in the Petukhov correlation for variable physical properties during heating
(the wall to bulk viscosity ratio) should be used in Eq. (3.6) without modifying the Filonenko friction
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factor correlation Eq. (3.8). Equation (3.7) includes a correction factor for rectangular channels as
applied to the ANSR (see Sect. 3.1.5). Entrance effects are conservatively neglected for the ANS
calculations. The range of applicability of the Petukhov correlation as well as comparison of the
correlation with other correlations and with data are described in ref. 26. Statistical uncertainties for
the correlation are discussed in Sect. 4.

3.1.5 Single-Phase Pressure Drop and Friction Factor

The friction factor correlation for single-phase forced convective flow is determined by the
Filonenko correlation,'® with some modifications for heating in rectangular channels and the
conversion to the Darcy rather than Fanning formulation, as follows:

_ [1.0875 - 0.1125 (4/s)] [7 - (I*Ji*.)] (3.8)
(1.82 log,, Re, - 1.64)? 6 ’

Ja

where

J: = Darcy friction factor,

b = gap of a rectangular channel or annulus (m),
s = span of a rectangular channel (m),

Re, = bulk coolant Reynolds number,

#, = bulk coolant dynamic viscosity (Pa - s),
u,, = wall dynamic viscosity (Pa - s).

Eq. (3.8) includes a correction factor for rectangular channels based on the Bhatti and Shah®
correlation using the channel span-to-gap aspect ratio. The correction factor for heated liquids was
proposed later by Petukhov* in conjunction with his forced-convection correlation.

z, - [7 - (:Ju.)] ’ (3.9)

where

K, = correction factor for heated liquids,
#, = bulk coolant dynamic viscosity (Pa - s),
., = wall dynamic viscosity (Pa - s).

Note that this last correction factor should not be used with Petukhov’s forced convection
correlation [Egs. (3.6) and (3.7)], because Petukhov’s correlation already includes a separate
correction for variable physical properties (see Sect. 3.1.4). The fuel plates are currently considered
“hydraulically smooth.” This consideration is based on a preliminary laminar sublayer thickness
comparison with a surface roughness of 0.5 pm, measured for the HFIR fuel plates.® This
assumption will be reevaluated to see if another friction factor correlation should be used that includes
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the effects of surface roughness as well. The range of applicability of the Filonenko correlation and a
comparison of the correlation with other correlations and with data are described in ref. 26. Statistical
uncertainties for the correlation are discussed in Sect. 4.

3.1.6 Nucleate Boiling and Void Fraction

No boiling is expected under reactor nominal steady-state operating conditions. Therefore,
correlations for nucleate boiling heat transfer and two-phase pressure drop, as well as for void
fraction, are not included here. Evaluation of two-phase correlations w111 be made as the project
progresses.

3.1.7 Oxide Growth Rate and Spallation
The oxide growth rate during the fuel cycle is determined by a correlation developed using data

taken specifically for the ANS—Correlation 1.”” This correlation is based on the general rate
equation:

(3.10)

B8
%

where

= oxide thickness (um),
t = time (h),
k, = rate constant,
n = constant (mechanism number).

Early kinetic results for the ANS steady-state experiments were consistent with the assignment of
n = 0.351, so that the integrated form of the equation is:

x = % v 1351 k- 00 G.11)

x, = oxide thickness at time t (um),
x, = oxide thickness att = 0 (pm)
k, = rate constant,

t = time (h).

The shape of the growth rate curves is essentially identical to those of Griess, Savage, and
English™ (and Kritz®) who reported a growth exponent of 0.778. Using the model defined in
Eq. (3.10), Eq. (3.11) can be used to predict oxide layer thicknesses for any set of specified
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conditions, providing the rate constant, &, can be assigned for the conditions involved. Thus, a
““correlation’” essentially defines the rate constant as a function of its critical variables (in this case,
mainly the T/H parameters that control temperatures across the reacting system).

Since Eq. (3.11) was first presented,” several additional experiments that meet its requirements
were added to the data base. These have reinforced its applicability. A conservative equation for %,
(except at very low growth rates) was developed from this data and is given by:

k, = 6.992 x 10° exp [-7592/(T, + 10¢)] pm'*Yn , (3.12)

where

, = rate constant,
T, = bulk coolant temperature (K),
¢ = heat flux (uW/m?).

The experiments contributing to this data base were all conducted under conditions where the
nominal coolant pH was 5, the coolant velocity, V,, was 25.6 m/s, and the coolant inlet temperature,
T, was between 39 and 49°C.

Spallation of the boehmite films was observed toward the end of some of the more aggressive
loop experiments. Metallographic examinations of such specimens showed that spallation was
followed by the onset of internal reactions in the metal beneath the oxide. The presence of an
extensive internal reaction zone is clearly detrimental to efficient heat flow as well as structural
integrity and should not be allowed to occur in the ANS fuel cladding. Steady-state experiments
indicate that spallation will not occur if the temperature drop across the growing oxide film is
maintained at <119°C, and this limit is currently used as a criterion for core calculations.
Additionally, spallation was not induced by moderate temperature cycling at or near the end of the tests.

3.2 SUPPORTING DATA BASE

An extensive data collection and correlation evaluation was performed (and is continuing) to
select the best correlations possible, as supported by statistical evaluation and comparison. A limited
number of correlations have been selected that may prove to be the most applicable to specific ANSR
conditions. A wide variation in reporting details of the experimental data exists in the literature, from
tabulation of actual experimental data to plotting comparative results using calculated dimensionless
groups. To evaluate the data and examine it statistically in different ways, the collected data were
incorporated into a statistical software program (SAS).™ The correlation selection process, based on
statistical evaluation and comparison against 2 multisource data base, can be very complicated even if
it is assumed that all the collected data are of high quality.

Recognizing that the data base is not yet complete, the correlations were evaluated against the
“collected data. Table 3.2 lists the various sources from which the data base was complied for each of
the T/H categories, the number of data points compiled from each source, and the number of data
points that were within the acceptance criteria range (see ref. 26). Table 3.3 provides a summary of
the mean and standard deviation for each of the correlations evaluated against all of the data collected
to date and against the data within the range of the acceptance criteria. Figures 3.2-3.6 provide a
closer look at the comparison of all of the data collected with correlation predicted values for some of
the T/H correlations currently used in the ANS Project and discussed above. A more detailed
discussion of the correlations selected and the current status of the experimental data base can be
found in ref. 26.
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Table 3.2. Data base for each of the thermal-hydraulic categories
and acceptance criteria for screening data

No. of No. of
No. of “good” No. of “good”
Data set source” points® points® Data set source points points
CHF* FEHF'
Knoebel et al.” 84 0 Lafay et al*® 35 0
Gambill et al.™ 23 0 Lafay® :
Gambill and Bundy” 7 0 Costa et al.” 117 0
Mirshak et al.” 65 0 Courtaud et al.” 6 0
Babcock and Hood” 63 0 Courtaud et al*® 15 0
Burck and Hufschmidt™ 135 0 Courtaud et al.® 12 0
Jens and Lottes™ 13 0 Vemier'® 19 0
Schaefer and Jack® 3 0 Courtaud et al.'® 12 0
Mayersak et al® 1 0 Whittle and Forgan* 88
Gambill and Greene® 6 0 Schieisiek and Dumaine'® 14 0
Bergles and Rohsenow™ 46 0 Lafay et al.'® 18 0
Dormer and Bergles® 13 0 Waters® 18 0
Bergles™ 56 0 “TOTAL 354 0
Skinner and Loosmore® 111 0 IBHF
Reynolds®® 6 0 Papell*® 3 0
Wessel® 34 0 Sato and Matsumura'® 39 0
Scarola® 9 4 Sudo et al.'® 27 0
Ornatskii® 77 8 “TOTAL 93 0
Vandervort™® 211 6 FCHTC
Ornatskii and Kichigan®! 122 0 Petukhov®! 56 55
Boyd”? 5 0 Hufschmidt and Burck'® 45 45
Omatskii and Vinyarskii® 137 0 Webb'?” 38 38
Celata et al.™ 43 0 “TOTAL 139 138
Boyd® 5 3 FCFF*
TOTAL 1275 21 Hartnett et al.'™® 69 69
Jones'®. 25 25
Jones'® 7 7
Schiller™ 29 14
Eckert and Irvine'"? 2 0
Washington and Marks'" 15 8
“TOTAL 147 100

*Complele citations are located in Sect. 7.
PTotal number of data points = 2008.
“Number of data points within the acceptance criteria range. Total number of “good” points = 259.

“CHF = critical heat flux.

‘FEHF = flow excursion heat flux.
- ABHF = incipient boiling heat flux.
TECHTC = forced-convection heat transfer coefficient.
*ECFF = forced-convection friction factor.
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Table 3.3. Means and standard deviations of

experimental-to-correlation-calculated ratios

No. of data Standard
Correlation® points® Mean® deviation®

Gambill-w/Weatherhead® 127521 1.381/1.343 0.531/0.131
Berath modified* 1275/21 1.427/0.885 0.731/0.072
Thorgerson modified™ 127521 © 12570820  0.962/0.089
FEHF
Bowring (1962)* 284/- 0.485/- 0.164/-
Whittle and Forgan* 284/- 0.120/- 0.389/-
Costa® 284/- 0.942/- 0.364/-
Saha and Zuber*® 284/- 1.300/- 0.443/-
Moritz*® 284/- 0.884/- 0.283/-
Moritz (modified)*’ 284/- 0.839/- 0.273/-
IBHF
Bergles and Rohsenow™ 69/- 1.202/- 0.230/-
Papell® 69/- 2.233/- 1.670/-
Davis and Anderson® 69/- 1.243/- 0.394/-
Frost and Dzakowic* 69/- 1.059/- 0.246/-
FCHTC
Dittus-Boelter* 139/138 0.986/0.986 0.127/0.127
Petukhov®! 139/138 0.996/0.996 0.033/0.033
Gnielinski® 139/138 0.979/0.979 0.037/0.037
Sieder and Tate® 139/138 1.110/1.111 0.213/0.214
Hausen* 139/138 0.977/0.976 0.065/0.063
FCFF
Prandtl,*® von Karman,” 147/100 0.998/1.004 0.053/0.055

and Nikuradse® 147/100 0.985/0.997 0.054/0.053
Filonenko'® 147/100 0.998/1.004  0.053/0.055
Techo et al.® 147/100 0.997/1.003 0.053/0.055
Colebrook® 147/100 0.998/1.004 0.053/0.055
Chen®

“Complete citations are located in Sect. 7.
*The first number is for the total data base to date, and the second is for data

within the acceptance criteria range for the Advanced Neutron Source.

FEHF = flow excursion heat flux. Excluding data with velocity <2 m/s and

subcooling <8°C.

“IBHF = incipient boiling heat flux. Insufficient data within the applicable range

of the compared correlations.

‘FCHTC = forced-convection heat transfer coefficient.
JFCFF = forced-convection friction factor. Excluding data with a Reynolds

number <4240,
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As can be seen from these results, there is very good agreement between the data collected so far
and the correlations selected, for both friction factor and forced-convection heat transfer coefficients.
‘"The comparisons also seem to justify the selection of the Filonenko correlation for friction factor and
‘the Petukhov correlation for forced convection, with standard deviations of 5.4 and 3.3%, respectively.
On the other hand, the comparisons are not as conclusive for the boiling-related correlations. The
agreement with the data is not very good, and the various correlations do not closely agree with each
oother. Possible reasons for these discrepancies include the broad range of data, the use of correlations
outside their original limits, and, in some cases, insufficient data within these limits. In addition, the
‘complexity of performing good experiments under boiling conditions also adds to the data scatter. The
‘comparison indicates the areas of agreement and deficiencies and provides a basis for a more thorough
and final selection of the correlations. The actual correlation means and standard used in this report
and in the CSAR and the justification for using them are discussed in Sect. 4.2.

3.3 PRESENT STATUS, LIMITATIONS, AND PLANNED ACTIVITIES

, The T/H correlations presented in this report are those currently used for conceptual design and
analysis of the ANSR. As the project progresses, these correlations (and others) will be reviewed,
modified, and replaced as necessary. These actions will be performed based on additional data (both
from the available literature as well as from new experiments), additional evaluation, and future needs
of the project. Specific activities will include:

= further expansion of the data base to include more data in the specific range of ANSR conditions;

o assessment and minimization of the uncertainties associated with the data collection and back

- calculations used to establish uncertainty probability distributions;

» statistical comparison and evaluation of the candidate correlations using various approaches to data
base screening, with special attention to the applicability of each correlation;

s revision of the selected correlations, if necessary, as the project progresses to detailed design;

= expansion of the work to include T/H correlations for ANSR transient, off-design conditions (e.g.,
lower pressures, velocities, and heat fluxes, as well as other flow regimes—laminar, transition, and
natural convection) and evaluation of the applicability of the correlations to transient conditions;
and '

- incorporation data from the ANS T/H test facility and corrosion test loop constructed at ORNL.”
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4. EVALUATION OF THERMAL-HYDRAULIC UNCERTAINTIES

The uncertainty analysis of the ANSR was initiated in FY 1990 to determine the maximum
operating power limits while simultaneously accounting for uncertainties and providing safety margins
compatible with an acceptable quantified probability level. To avoid an overly conservative design
that normally results from applying the worst case methods used in the past, it was determined that a
statistical/probabilistic approach to the uncertainty analysis would be pursued. It is necessary to
minimize uncertainties, design around uncertainties, and, as indicated above, use a better (i.e., less
conservative) treatment of uncertainties to meet the power goal for ANS. An estimate of the penalty
for using the worst case approach rather than a statistical approach (applying a 95% probability level)
for ANS is ~23% for nominal operation based on IB as the thermal limit. Using oxide associated
temperature limits as the criteria, the penalty is ~11%. The penalties would be larger using a more
complete statistical approach (which is currently being implemented). Obviously, as the probability
level for the statistical approach increases, the penalty decreases.

The statistical approach for reactor design was later integrated with the probabilistic risk
assessment (PRA) to achieve the safety goals adapted by the ANS Project. The risk being considered
results from uncertainties in the input parameters, including manufacturing parameters (e.g., fuel-plate
fabrication tolerances) and operating parameters (e.g., inlet pressure and temperature), and in the
models (e.g., the CHF correlation) used when performing the best estimate design and analysis. The
major uncertainty analysis steps performed include:

® evaluation and selection of a cost-effective statistical method;

® determination of the key parameters and correlations most mﬂuencmg the reactor performance
through a sensitivity study;

® evaluation and selection of the input parameters and analytical models (correlations) to be used in
the design and analysis of the reactor;

® quantification of the uncertainties involved in the key parameters and correlations by determining
the error probability distributions for each;

® modification of the ANS steady-state T/H code and integration with a statistical sampling code
(SAMPLE"*), thus allowing selection of an appropriate power level for a given probability and
confidence level; and

® performing a preliminary analysis to determine the maximum nominal operating power consistent
with adequate safety margins (see Sect. 5).

4.1 THE STATISTICAL APPROACH

The merits of several methods to perform uncertainty analysis, both statistical and nonstatistical,
were evaluated. Four of these methods are described below.

1. The worst case approach, in which each parameter is assigned a conservative constant value
reflecting the “maximum” (i.e., typically 2 or 3 standard deviations from the mean) deviation from
nominal, and all of the uncertainties are assumed to exist simultaneously at their maximum value.
This method was very common in the past and was used for the HFIR design.® However, this
approach was judged to be unnecessarily conservative, and it does not provide any quantitative
measure of the level of risk involved. The primary advantage of the approach is the conceptual
simplicity because detailed uncertainty distributions for the input parameters and correlations are not required.

4-1
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2. The statistical square root of sum of squares (SRSS) approach, where all the uncertainties
are assumed to be independent and are incorporated via standard deviations. Although this approach is
statistical, it generally provides only an approximation of the relationship among uncertainties and
may, therefore, provide nonconservative results. This approach does have the advantage of relative
simplicity by not requiring a computer code for implementation, but it does require determination of
the uncertainty distributions for the input parameters and correlations.

3. A full statistical approach combining input uncertainties randomly (via sampling of
individual uncertainty distributions) in repeated simulations. The most basic technique for
implementing this approach is the Monte Carlo (MC) technique. This method has the advantage of
being fully statistical and providing a definitive statement of the safety margins or probability levels
achieved. The disadvantages include the need to provide detailed error distributions for each of the
parameters and correlations that appreciably affect the reactor performance and the computer time that
might be involved in performing the many statistical sampling combinations. For steady-state analysis
and a probability level that is not overly high (95-99.9%), the computer time necessary in applying
the MC technique is manageable. The technique can then be directly applied in combination with the
TASHA code described previously.*’ For higher probability levels, as well as for transient analyses
that apply complex T/H codes, this approach is not cost effective. In these situations, more advanced
sampling techniques or analytical approaches are necessary.

4. Latin hypercube sampling (LHS), response surface techniques, etc. This type of sampling
may greatly improve the efficiency of simple MC sampling and response surface techniques, which
use a surrogate to the complex T/H programs (such as RELAPS). These techniques were investigated
in consultation with experts from Sandia National Laboratory (SNL) and INEL. The LHS technique is
based on the stratified sampling approach that greatly reduces the number of random combinations
necessary for a given confidence level, yet does not introduce new approximations. This approach can
probably be used for most steady-state cases and some transients. The response surface technique
introduces new sources of errors since the surrogates to the original codes are only simpler simulators
of those complex programs. These and other advanced statistical techniques, such as fast probability
integration (FPI),'" are being investigated for application in more difficult situations.

Based on the above considerations, the fully statistical approach was adopted. The MC
technique, in combination with LHS, is being implemented with the steady-state T/H code for the
steady-state analysis. Unfortunately, this tool is not completely ready for extensive application to ANS
T/H calculations. Tools to implement fully the statistical approach for transients have not been
developed. Currently, the more advanced techniques are still being studied for the more complex
transients. Hence, a shortcut technique, which involves a combination of statistical and deterministic
peaking factors, was used in most steady-state analyses instead of the integrated TASHA code/sample
code. (A few steady-state analyses, however, used the integrated codes.) This approach was also used
exclusively in transient analysis and is discussed in this section.

4.2 DETERMINATION OF UNCERTAINTIES

The effort required to characterize process parameter uncertainties with probability distributions
for inclusion in full statistical analysis can be very large. Thus, a preliminary sensitivity analysis was
performed to determine the most significant parameters (of the many candidate parameters)'*®
affecting the code performance. This analysis served to reduce the number of parameters with
uncertainties that will be treated statistically. (The remaining parameters are considered through
predetermined conservative values or neglected.) The TASHA code was used to perform this
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sensitivity analysis. The uncertainties are taken into account in the code by multiplying the nominal
value (either an input parameter or a best estimate calculated value) by an uncertainty factor (U) that
represents the ratio between the possible value (e.g., worst case value or values sampled from a
probability distribution) and the nominal value. The uncertainties involved are many and include
manufacturing parameters (such as fuel plate fabrication tolerances), operating parameters (such as
inlet pressure and temperature), and analytical models used (such as the CHF correlation). By
exercising the T/H code repeatedly for each of the existing U factors one at a time, all the U factors
were sorted and ranked in order of increasing effect on reactor maximum power (order of
significance).

Selected results from this sensitivity study are presented in Table 4.1. Analysis was performed at
BOC for the G3 core design (a design before the L7 design). The values of the U factors are
generally representative of worst case values. Although the ranking of U factors obviously depends on
the core design and the time in the cycle (among other aspects), the U factors presented in Table 4.1
will remain among the important parameters that will be accounted for in analysis. Although not
addressed in the sensitivity study, a number of other important parameter uncertainties have been
identified. These include oxide correlation, fuel-plate nonbond, fuel extending beyond normal
boundaries, channel gap, and code uncertainty.

For analysis of transient events, the list of important parameter uncertainties includes those
above plus a number of others. Identification of these additional parameter uncertainties has been and
will continue to be guided by phenomena identification and ranking table (PIRT) studies proceeding
generally as outlined in the Code Scaling, Applicability, and Uncertainty (CSAU) methodology."” An
initial list of parameters (phenomena) with associated uncertainties will need to be addressed,
including break modeling, choking, pressure wave propagation, pump performance, and numerics.

Of the many parameters involved in the analysis, 16 factors have been identified as significant
for the current preliminary evaluation. Depending upon their nature and/or the level of understanding,
uncertainties in these factors have been described with probability distributions or worst case values.
Those with distributions are provided in Table 4.2; those with worst case values are provided in
Table 4.3. Note that in Table 4.2, uncertainty distributions are identified as applying on a plate level
{i.e., variations that occur from plate to plate within a core) or on a core level (i.e., variations that
are the same for all plates within a core).

To quantify statistically the uncertainty levels associated with the correlations used in the T/H
analysis, a task was initiated to evaluate the correlations and develop a data base for the significant
T/H phenomena. An evaluation of several correlations for each of these factors has led to preliminary
selection of correlations for the ANS T/H analysis. These correlations included the Gambill- .
w/Weatherhead®** correlation for CHF limit (U22), the Costa® correlation for FE heat flux limit
(U25), the B-R* correlation for IB heat flux (U23), the Petukhov® correlation for forced-convection
heat transfer coefficient (U8), and the Filonenko' correlation for forced-convection friction factor
(U7). Uncertainty levels for each correlation U factor were determined based on a comparison with
the data base as discussed in Sect. 3 and presented in Table 3.1.

In several instances (e.g., CHF, FE, and IB correlations), uncertainties in Table 4.2 represent
extrapolations to values expected and achievable in the future with a specific ANS experimental
data base. In those cases, uncertainty values selected are significantly smaller than determined in the
analysis of the existing data base.” The evaluation discussed in Sect. 3 shows that the uncertainties
for both Petukhov and Filonenko correlations are not large and do not change much with the
conditions tested for either steady-state or transient conditions. The mean was in the narrow range of
0.996-1.00 and the standard deviation in the range of 3-6% (see Table 3.1). On the other hand, the
uncertainties for the Gambill/Weatherhead, Costa, and Bergles/Rohsenow correlations are quite wide
and do depend considerably on the conditions and sources used for comparison. The mean for the
Gambill/Weatherhead correlation ranges from 0.9~1.6 and the standard deviation from 13-53%. The
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Table 4.1. Selected preliminary sensitivity study results

for nominal operating conditions

Effect
U°® factor Uncertainty (%)
U22 (critical heat flux correlation) 0.80 18.80
U18 (fuel segregation) 1.30 14.30
U3 (power density) 1.10 9.10
U24 (hot streak) 1.10 4.36
U8 (local heat transfer correlation) 0.94 381
U7 (friction factor) 1.05 2.04
U1 (reactor power) 1.02 1.96
U2 (total heat transfer) 1.02 1.96
U23 (incipient boiling correlation) 0.90 0.73
U6 (inlet coolant temperature) 1.01 0.36

“U = uncertainty.

Table 4.2. Probability distributions used in Monte Carlo uncertainty analysis

Probability Distribution Standard
Parameter U factor” distribution level Mean deviation

CHF’ cormrelation u22 Normal Core 1.0 0.10
FE° correlation U25 Normal Core 1.0 0.10
Local power density

distribution U3 Normal Core 1.0 0.03
Streak-average power

density distribution PSARYFSAR’ Normal Core 1.0 0.02
Integrated hot streak U24m Log-normal Plate 1.030 0.00425
Forced-convection

heat transfer

correlation U8 Normal Core 1.0 0.0283
Friction factor

correlation u7 Normal Core 1.0 0.05
Reactor power Ul Normal Core 1.0 0.018
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Table 4.2 (continued)

Probability Distribution Standard
Parameter U factor” distribution level Mean deviation
Fuel plate heated U2 Normal Plate 1.0 0.0036
length
1B/ correlation U23 Normal Core 1.0 0.10
Inlet coolant U6 Normal Core 1.0 0.006
temperature '
Exit pressure PSAR/FSAR Normal Core 1.0 0.025
Flow PSAR/FSAR Normal Core 1.0 0.0033
Channel gap PSAR/FSAR PSAR/FSAR Plate PSAR/FSAR PSAR/FSAR

Oxide correlation U9 PSAR/FSAR Core PSAR/FSAR  PSAR/FSAR

“SS thermal hydraulic code U factor. U = uncertainty.
*CHF = critical heat flux.

‘FE = flow excursion.

“PSAR = preliminary safety analysis report.

‘FSAR = final safety analysis report.

/IB = incipient boiling.

Table 4.3. Deterministic values used in Monte Carlo uncertainty analysis

Parameter U factor : Worst case value
Local fuel segregation plus nonbond U18/U19 and U20/U21 1313
Fuel beyond radial boundary U26 (array) 1.02
Fuel beyond axial boundary U25 (array) 1.05

Hot streak fuel segregation U24 1.10
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mean for the Bergles/Rohsenow correlation is 1.02 and standard deviation is 23%. The mean for the
Costa correlation ranges from 0.96-1.35 and the standard deviation from 26-48%. The data collected
so far for IB is insufficient, and this data base needs to be expanded.

Table 4.4 provides the results of a more extensive and detailed statistical evaluation made for the
FE and the CHF correlations. As can be seen in this table, comparing the Gambill/Weatherhead
correlation with Boyd’s data,® which are the best data for the ANS conditions, provides 2 mean of
1.07 and standard deviation of 20%, and comparing the Costa correlation to his own data® provides a
mean of 0.98 and standard deviation of 8.4%. The table also indicates that both correlations are in
reasonable agreement with Boyd’s data. Similar observation can be made from Fig. 4.1, which
compares all of the FE and CHF correlations with Boyd’s data on a common plot.

Investigation thus far suggests that the two correlations are, in all probability, on the
conservative side, specifically the Costa correlation at the higher velocities [compared to Saha &
Zuber (S&Z) correlation,*® for instance], as is also demonstrated in Fig. 4.2. The standard deviations
of these correlations seem to be very high. However, other specialized correlations like that of
Costa,” Babcock and Wilcox (B&W)"* and Westinghouse'® correlations, and the more recent general
correlations by Weisman'® and Katto'* demonstrate that correlations for both CHF and FE can be
developed with standard deviations as low as 7-9% when derived from carefully designed in-house
experiments tailored for a given set of conditions.

It is hard to reconcile all these results without considerable additional work, i.e., more data from
additional sources, in-house experiments, and more evaluations and comparisons. For the purpose of
this report, it was decided to base the uncertainties for the CHF, FE, and IB correlations on a mixed
approach using the current evaluations, engineering judgement, and extrapolation to values that can be
expected or achievable in the future, by performing high quality and dedicated in-house experiments
specifically designed for the ANS conditions. The logical sequential justification for this selection can
be summarized as follows.

e The Costa correlation is more optimistic than S&Z at low velocities and more conservative
than any other correlation, including S&Z, at high velocities. The S&Z correlation, which is the most
widely used in the literature, gives twice as high a heat flux prediction as the Costa correlation at the
ANS nominal velocity range (see Fig. 4.1).

* This conservatism is not reflected in this data base comparison because 97% of the data are
below 8.3 m/s, which is far below the ANS nominal and transient velocity range (see Fig. 4.2).

* These trends can be detected in a data plot and in the statistical comparison, by separating data
below and above 8.3 m/s, giving a mean and a standard deviation of 0.93/35.8% and 1.42/23%,
respectively (see Table 4.4).

¢ The Costa correlation data comparison using Costa data only gives a mean and standard
deviation of 0.98/8.4% (see Table 4.4). This value reflects very careful experimentation with a very
low spread of experimental data.

e Taking all of the above considerations into account, a mean value of 1.2 (conservative) and a
standard deviation of ~20-30% seem to be reasonable choices for the Costa correlation.

However, comparisons of correlations required the modification of some of the assumptions, as
explained below.

¢  Comparing the Costa correlation against Boyd’s CHF data, which is quite close to the ANS
conditions and is considered very reliable, shows a relatively close agreement, with a mean of
1.13 and a standard deviation of 26% (see Table 4.4). With Boyd’s data being for CHF rather
than FE, the assumed conservatism was reconsidered, and a mean value of 1.0 was assumed.
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Table 4.4. Statistical observations of flow excursion and critical heat flux uncertainty
distributions for the conceptual safety analysis report®

Data base Selected (No. data points/mean/% standard deviation)

spplication data CHF* FE* FE¢ U(Q) ratio*
All CHF DF/ Ref > 4240 1274/1.38/53.1 NA* NA NA
All FE DB (Re > 4240) aTi > 5 NA 302/0.98/42.7 283/1.33/51.3 0.74 (NA)
All FE DB (Re > 4240) dr > 8 NA 284/0.94/36 .4 269/1.30/45.1 0.72 (NA)
All FE DB (Re > 4240, dT > 8) G < 8000 NA 276/0.93/35.8 261/1.30/45.6 0.72 (0.75)
All FE DB (Re > 4240, dT > 8) G > 8000 NA 8/1.42/23.0 8/1.27726.9 1.12 (1.27)
ANS* nominal, CHF 21/1.34/13.1 NA NA NA
ANS nominal, FE NA No data No data No data

(2.0)

Boyd data only (CHF) 10/1.07/20.1 10/1.13/26.0 10/0.83/36.2 1.36 (1.65)
Costa data range (FE)* NA 31/0.81/21 31/1.21/32 0.6 (0.83)
Costa data only (FE)* NA 43/0:98/8.4 43/1.12734.6 0.88 (NA)
ANS transient, CHF 44/1.61/35.6 NA NA NA
ANS transient FE § <dT < 55 NA 40/1.02/48.6 40/1.02/42.4 1.0(1.7
ANS transient FE 5 < dT < 25 NA 24/1.33/35.6 24/1.31/29.3 1.0(1.7)
Applicable data/rectangular 58/0.78/18.9 292/1.07/658 269/1.4/550"
Applicable data/tube + annulus 1216/1.41/52 23/1.66/62.9 23/1.64/86.2"
Applicable data/H,0 1233/1.39/54 315/1.11/634 292/1.42/528
Applicable data/D,0O 41/1.19/14.0 No data No data
Applicable data/Aluminum 89/1.07/24.0 No distinction No distinction
Applicable data/other materials 1185/1.4/54 No distinction No distinction

“Concepiual Safety Analysis Report, ORNL/ANS/INT-33, Martin Marictta Energy Systems, Inc., Oak Ridge National
Laboratory, Junc 1992.

*CHF = critical heat flux. [Source: W. R. Gambill, *Generalized Prediction of Burnout Heat Flux for Flowing,
Subcooled, Wetting Liquids,” Chem. Eng. Prog. Symp. Series §9(41), 71-87, (1963).]

‘FE = flow excursion. (Sowrce: J. Costa, “Movement of the Momentum Pressure Drop and Study of the Appearance
of Vapor and Change in the Void Fraction in Subcooled Boiling at Low Pressure,” presented at the Meeting of the
European Group Double-Phase, Winfrith, England, 1967. Translated from French as ORNL/LRT-90/21, Martin
Marictta Energy Systems, Inc., Qak Ridge National Laboratory, 1990.)

4Source: P. Saha and N. Zuber, “Point of Net Vapor Generation and Vapor Friction in Subcooled Boiling,” Proc. of
5th Inil. Heat Transfer Conf., Tokyo, Japan 1V, 175-179, (1974).

“U(Q) ratio = ratio of the Costa mean to the Saha and Zuber mean. Sources: Costa 1967 and Saha and Zuber 1974.

/DB = data base, :

*Re = Reynolds number.

*NA = not applicable.

dT = superheat (°C).

/G = mass flux (kg/m? * s).

tANS = Advanced Neutron Source.

Source: R. D. Boyd, “Subcooled Water Flow Boiling at 1.66 MPa under Uniform High Heat Flux Conditions;”
Fusion Technol. 16, 324 (November 1989).

»Source: Costa 1967.

"Source: R. S. Smith and W. L. Woodruff, A Computer code, NATCON, for the Analysis of Steady-State Thermal-
Hydraulics and Safety Margins in Plate-Type Research Reactors Cooled by Natural Convection, ANL/RETR/TN-12,
Argonne National Laboratory, Chicago, December 1988.
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e  Comparing the Gambill/Weatherhead correlation against Boyd’s CHF data shows a close
agreement, with a mean of 1.07 and a standard deviation of 20% (see Table 4.4). With Boyd’s
data being of high quality and very close to the ANS conditions, the assumed conservatism was
reconsidered, and a mean value of 1.0 was assumed.

¢  Comparing the B-R correlation for IB to the total data base results in a mean of 1.02 and
standard deviation of 23%. A mean value of 1.0 was assumed in spite of the small number of
points in the data base. This assumption is justified in part by the insensitivity of the predictions
to large deviations in the correlation. Sensitivity is caused by the high subcooling and the
domination of the results by the forced convection heat transfer correlation. In addition, the B-R
correlation is widely used in T/H codes for reactor licensing and is generally considered to be
conservative.

®  Encouraged by the Costa experiment, where a standard deviation of 8.4% was achieved in a
dedicated and high quality experiment, and similar achievements by B&W and Westinghouse for
their respective CHF experiments,''®!* as well as by Weisman'® and Katto,'?* it was agreed that
similar standard deviations can eventually be achieved through high quality and dedicated ANS
experiments. On the basis of this kind of future expectation, a standard deviation of 10% was
assumed for all three correlations.

Following this line of integrated judgement, a common uncertainty distribution was selected for
all three correlations, where the mean U factor is 1.00 and the standard deviation is 10%, as reflected
in Table 4.2. It is recognized that, as new experimental data become available, new correlations will
likely be needed and developed. The extrapolated uncertainties will have to be examined in light of
those new correlations. It is believed, however, that the correlations currently used will be shown to
be conservative.

Uncertainties in reactor physics parameters, which include local and streak-average power
density distributions, and fuel beyond normal boundaries, (see Tables 4.2 and 4.3) are engineering
estimates. The streak-average distribution reflects the integral uncertainty in calculations along a
significant length along the core (approximately half of the core length) and narrow width (~2 mm);
and, hence, a standard deviation smaller than for the local distribution is used. Although not indicated
in these tables, upper limits on the uncertainty probability distributions for power density U factors
were used—namely 1.10 for local and 1.05 for streak-average. These factors obviously reflect the
belief that calculations will never be in error above them. Uncertainty values for fuel beyond normal
boundaries (which results in a higher than nominal heat flux because of gradients in the thermal
neutron flux) consider current HFIR fuel plate manufacturing limits. The axial boundary uncertainty
value selected for ANS is much lower than values used in HFIR (which are a function of span
position). This difference exists because of the heavy water (D,0) moderator in ANS vs light water
(H,O) in HFIR. Also, ANS employs poisons at the fuel plate ends (and may use edge poisons as well)
to suppress neutron flux peaking.

There are a number of very significant parameter uncertainties associated with the fuel element.
These uncertainties include fuel segregation/nonbond (see Sect. 4.5 for a description of the defects),
hot streak fuel segregation, integrated hot streak, fuel plate heated length, channel gap width, and
oxide thickness.

The effect of fuel segregation and nonbonds on heat flux and temperature peaking has been
analytically investigated rather thoroughly (see Sect. 4.5); however, fuel plate manufacturing data that
are sufficiently detailed to characterize the frequencies and magnitudes of these defects are only
beginning to become available. In some early stages,'® uncertainty probability distributions were
estimated for local fuel segregation alone (no nonbond) using a HFIR fuel plate rejection fraction
(~1% of plates)'® resulting from the defect. The defect fraction was assumed to comprise the “tail”
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of a log-normal distribution with an assumed mean value (which was varied) that represented the
highest fuel segregation anywhere on the plate. Although the distributions were crude estimates, they
suggested that at least one fuel plate in the core would contain a fuel segregation defect near the
inspection tolerance limit. For this reason, and because of the lack of detailed fuel plate
manufacturing data, the uncertainty associated with this defect is treated deterministically. Further, its
uncertainty is lumped with that associated with a nonbond.

The selected uncertainty value (1.313) is the highest value possible corresponding to the
anticipated ANS fuel plate manufacturing tolerance limits for the worst possible configuration of the
defects, their location on the plate (e.g., in a thin fuel meat region), and the time in the cycle. (See
Sect. 4.5.2 for the derivation of the uncertainty value selected.) However, the value used for ANS is
significantly lower than that used in HFIR (typically 1.8).° This discrepancy is the primary result of
fuel plate design and manufacturing improvements anticipated for ANS including fuel meat centered
within the fuel plate thickness, a maximum 1-mm-diam nonbond (vs 1.5 mm for HFIR), and a
maximum 20% excess local spot fuel segregation (vs 30% for HFIR).

The ANS local fuel segregation/nonbond uncertainty value reflects all of the above
improvements. Of all of these improvements, centering the fuel meat has the most impact.

The hot streak fuel segregation uncertainty represents average fuel loading variations in segments
1.27-cm long (along the length of the fuel plate) and 2-mm wide over the entire fuel plate. (This
geometry represents that which is presently measured during inspection of HFIR fuel plates.) This
uncertainty is treated deterministically as indicated in Table 4.3 with a U factor (U24) value of 1.10,
which corresponds to the HFIR fuel plate manufacturing tolerance limit for this defect.

The integrated hot streak uncertainty accounts for average fuel loading variations (above or
below nominal) along the length of the fuel plate and is used to calculate the effect of these variations
on the coolant bulk temperature rise axially along the core. Note that the integrated average value of
loading variations along the fuel plate up to the axial location of interest determines the effect on
coolant bulk temperature rise. As indicated in Table 4.2, this uncertainty (U factor U24m) is treated
with a probability distribution (plate level) that was developed as follows. Based on previous analysis,
it was determined that the location of the limiting heat flux (i.e., IB, CHF, or FE) in the L7 core
design occurs in the exit half of the core (or fuel plates). Thus, averaging was performed
conservatively over the entrance 40% of the fuel plates and then was assumed to apply at all axial
locations in the last (exit) 60% of the fuel plates. This averaging was statistically performed based on
HFIR fuel plate inspection data, which indicates that 1% of the plates are rejected because of an
average +10% or more loading variation over a region 1.27-cm long (in the axial direction of the
fuel plate) and 2-mm wide.'®

The 1% rejection fraction was conservatively assumed to comprise the “upper” tail of a normal
distribution with a mean of zero (no excess loading) representing fuel loading in a 1.27-cm-long
segment. The corresponding standard deviation, g,,,, is 0.0429. However, the interest here is in the
integrated average distribution through the first 40% of the core (i.e., the core inlet region). This
distribution is obtained by statistically “stacking-up” the 1.27-cm segments to form a continuous hot
streak. This new distribution is the distribution that represents the average of this segment stack over
the first 40% of the core. This distribution is also normal with a mean of zero and a standard
deviation, 0, given by:'*
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G:rneak = aseg / Nseg ( 4.1)

o, = 0.0429 /16 = 0.0107 ,

where

0,.« = standard deviation for a continuous hot streak,
o,, = standard deviation of the hot streak distribution,
N,., = number of stacked segments.

Note that along the width of the plate there are ~ 220 potential hot streaks, assuming each streak
spans ~0.4 mm of the plate width. The 0.4-mm value is based on the HFIR fuel plate inspection
procedure in which a 2-mm-diam inspection beam is used to scan lengthwise down the plate in a
series of passes proceeding from one edge (radial) of the plate to the other. The procedure calls for a
0.4-mm-wide overlap, which was interpreted to mean that the inspection beam only moves radially
0.4-mm per pass; thus, ~ 220 passes would be required to transverse the entire plate. However, it
was subsequently recognized that the 0.4-mm-width overlap means that adjacent beam passes only
overlap each other 0.4-mm. In this case, only ~ 55 passes would be required to transverse the entire
plate. The use of the 220 vs 55 potential hot streaks in the development of the probability distribution
is conservative and will be revised for future T/H analyses. Note that the 1% plate rejection value
indicated above is tied to this procedure.'®

Thus, in order to determine the distribution that describes the highest (loaded) streak in a plate,
MC analysis was used in which the single streak distribution was sampled 220 times (per plate), and
the worst value for the sample plate was determined and saved. This procedure was performed
multiple times in order to develop another distribution, this one presenting the worst streak on a fuel
plate. This distribution was found to match quite well to log-normal distribution with the distribution
parameters given in Table 4.2. Although not indicated in the table, values resulting from this
distribution that are >1.10 (e.g., the tails) are not used since the plate would be rejected. However, a
value >1.10 is very unlikely to occur since the statistical averaging approach employed here greatly
reduces the integrated hot streak uncertainty, even for very high probability values. As detailed fuel
plate manufacturing data become available, the validity of the developed integrated hot streak
distribution will be assessed and revised.

The fuel plate heated length uncertainty accounts for variations in the length of the fueled
portion of the fuel plate. In addition to causing heat flux peaking (i.e., fuel beyond normal axial
boundary uncertainty described previously), this variation causes an increase in the coolant bulk
temperature rise. As indicated in Table 4.2, this uncertainty (U2) was represented with a probability
distribution (plate level). This probability distribution was developed based on HFIR fuel plate
manufacturing limits and rejection data associated with the heat transfer area of the fueled portion.
The data'® indicate that ~ 1.2% of the plates are rejected because of deviations > +4.5% from
nominal. The corresponding span and length defect limits are 2.1 and 2.4%, respectively. Assuming
that the defects in span and length dimensions are equally likely and independent, then:

Prrzpfifxplllrzpif’

Po=1-12%,

P, = 0.99398 , 4.2)
P, =1-P, = 000602,
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where

PI_ = probability plate not rejected because of a heat transfer area defect,
P, = probability plate not rejected because of a “span defect,”

P! = probability plate not rejected because of “length defect,”

P, =P, =P, ‘

P,; = probability of rejection because of the length of the defect.

o

Next, assuming length variations are normally distributed with a mean of 1.0 (no variation), the
standard deviation of the distribution can be determined as follows:

F=1-P,2 = 099699, @4.3)

where F is the value of the cumulative distribution function at the upper inspection limit, from which
the value of the standardized random variable, Z, is 2.75.% Hence, using the random variable, x, for
length variations and, g, its mean, the standard deviation, o™, is:

Z=275=(x - w"®

y

275 = (1.024 - 1)/af™ (44

o™ = 0.00872 .

Now, for ANS, the maximum heat transfer area uncertainty is anticipated to be 2%: 1% span
and 1% length. Therefore, if the HFIR P,; (i.e., Z value) is applied to ANS, then the ANS standard
deviation, o7", for its length deviation is:

Z =275 = (x - W™,
275 = (101 - /g™, (45)

@™ = 0.0036

This series of equations obviously implies that significant improvements in the control of
‘variations in the fueled length parameter will be achieved in the ANS fuel plate manufacture; these
estimates will be revised as what can be achieved becomes clear. Although not indicated in Table 4.2,
values resulting from the fuel plate heated length uncertainty probability distribution that are > +1%
from nominal are not used because the plate would not be used in the core.

Uncertainties in the fuel element channel gap widths significantly impact the ANS maximum safe
achievable power level. Power decreases roughly proportionally with decreases in the gap width, with
CHF or FE as the thermal limit (see Sect. 5.1.1). Variations in the gap width are determined by the



4-14

manufacturing process and the operating environment. For the latter, factors affecting the gap width
variability include oxide buildup on the fuel plates, fuel plate stresses resulting from pressure
differences across the plates, temperature variations, flow frictional force, and fuel swelling during
burnup. Investigations to address both manufacturing and operating environment factors affecting gap
variations are in progress. Results of some of these investigations are summarized below. These
results provide a flavor of the approach being taken by ANS to characterize channel gap size
variations in the longer term and provide support to the manner in which these variations were
handled in the CSAR. As indicated in Table 4.4, the channel gap width uncertainty is treated
deterministically, with a 10% reduction in the nominal width.

Coolant channel gap variability associated with the manufacturing process has been studied by
analyzing HFIR fuel element coolant channel gap variations since these variations are representative
of what is expected for ANS, and no ANS data are presently available. The HFIR manufacturing
tolerance gap width limits are 1.27 + 0.254 mm locally and 1.27 + 0.152 mm average across the
channel span.'® Note that HFIR fuel plate thickness tolerance limits of 1.27 + 0.0254 mm'®
influence gap width variations. For ANS, a goal has been set to modify the HFIR manufacturing
average gap width tolerance limit to be slightly more stringent, at 1.27 + 0.127 mm. Additionally, it
is intended that this average be applied along the channel length rather than (or in addition to) the
width. The reason for this modification is that flow along subchannels with significant axial variations
would likely be affected more than if the same variations were across the span. In the latter case, the
total channel flow would be less, but individual subchannel flows would be higher than those in the
subchannel with significant axial variations. ‘

Preliminary statistical analysis of HFIR channel gap width measurements has been performed, as
well as companion T/H analysis to assess the impact of gap variations on the ANS maximum
achievable core power.'”'® In a simplified analysis, the behavior of a fuel plate bounded by a wide
channel on one side and a narrow channel on the other side was performed using a code developed
specifically for this purpose.'® This modified code facilitated assessment of the additional cooling
provided by the wide channel as opposed to a fuel plate bounded by two narrow channels. This
benefit is currently overlooked in the TASHA code.

The HFIR channel gap width data base (in electronic digital form) for statistical analysis
includes measurements from two inner and three outer fuel elements. These measurement sites
correspond to 1449 channels. Gap width is measured at five span positions continuously along the
channel! length.'* Data reported include the minimum, maximum, and average widths for each span
position. Statistical analysis has been performed on each of these three measures of gap width.
Statistical analysis of the average gap size in one of the outer fuel elements (369 channels) at each of
the five positions indicates that variations are normally distributed with means very close to nominal
and standard deviations ranging from 0.017-0.025 mm. The smallest variation occurs at the span
position nearest the outer sideplate; however, the variation nearest the inner sideplate was larger than
one of the middle span positions. Thus, based on this limited set of data, average gap size variations
may tend to be smaller near sideplates. Analysis was also performed on the minimum average gap
width within each channel. This measurement is felt to be a conservative, but reasonable, indication
of average gap width variations. Analysis indicates that variations in this measurement are also
normally distributed with a typical mean and standard deviation of 1.26 and 0.018 mm, respectively.

Statistical analysis was performed to determine if a narrow channel is more likely to be adjacent
to a wide channel than a channel that is nominal, as might be expected. However, analysis indicates
that this tendency is weak as indicated by a correlation coefficient (for the interdependence of gap size
between adjacent channels) of -0.1. As an example, however, the analysis indicates that, given a
1.143-mm average gap width for a channel (i.e., at the manufacturing tolerance limit), then the
probability is 95% that each of the channels adjacent to it will be =1.26 mm.
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Statistical analysis was performed to determine the minimum average gap size distribution on a
whole core basis; that is, the distribution would represent the minimum average gap size for the worst
(or smallest) channel in the entire core. A distribution of this type could be sampled at the core level
(although with some additional conservatism) in full MC analysis (rather than the plate-level analysis),
which would expedite the process (see Sects. 2.1 and 4.3). This distribution was found to be log-
normal. As an example, at a 95% probability level, the core minimum average gap size was found to
be 1.17 mm. ;

As mentioned previously, thermal analysis was conducted to determine the cooling benefit
provided by a channel with a near nominal sized gap adjacent to a narrow one (e.g., 1.26-mm
channel adjacent to a 1.14-mm channel; see above), as opposed to assuming that two narrow channels
exist together. It was determined that the benefit results in an ~2% increase in the core maximum
power level for this case, based on FE as the therma] limit.

One can also compare the power benefit of using a statistically based treatment of average
channel gap size variations vs the worst case (i.e., manufacturing tolerance limit) value of 1.14 mm.
For the core level distribution described above, a minimum gap size of 1.17 mm was indicated for a
95% probability level, which implies an increase in the maximum core power of ~2.5% (assuming
power increases proportionally with gap-size increase).

As indicated previously, the other cause of channel gap-size variations is the operating
environment. It appears that the most significant source of variations resuiting from the plate
environment for the current ANS design is thermal stress, which has been evaluated with analysis.'”
Although thermal and plate-stress analyses are interdependent, the initial thermal stress calculations
are based on thermal conditions with assumed channel gap-size variations. Results of the thermal
calculations were then used as boundary conditions for the stress analysis. Thermal conditions were
based on steady-state operation at the scram set point (LSSS) limits and included appropriate
uncertainties (99.9% probability level). The corresponding power level was 351 MW(t). Plate-to-plate
temperature differences drive thermal deflections, and the two factors that dictate plate temperature
differences are channel gap size and plate fuel loading. For this analysis, a hot plate was assumed to
be adjacent to a narrow, 1.143-mm-wide channel and to contain 1% above the nominal fuel load (1%
overload is also the HFIR manufacturing tolerance limit); a cold plate was assumed to be adjacent to a
1.40-mm-wide channel and to contain 1% below the nominal fuel loading. To provide conservative
estimates of the fuel plate temperatures, which results in lower plate strength, EOC conditions (with
maximum oxide growth) were assumed. '

Thermal stress analysis calculations, which were performed using a finite element model,
provided the following results regarding fuel plate deflections. Fuel deflections:

are a function of span and axial position,

are not significantly affected by sidewall temperature variations,

are largest at the center of the span and midway along the fuel plates with ~ 17% deflection,
have an average deflection along the axial length at center span position of ~13%, and

are small near sidewalls (where they are supported).

The next obvious step would be to revise thermal calculations with the results of these stress
calculations and to recalculate thermal deflections. The process would continue until thermal/stress
results do not change. However, this revision has not been undertaken. ;

ANS fuel plate stability to hydraulic loads has been investigated by analysis'® and
experimentation.’® Although there are differences in results between the two, with the experimental
study indicating that the plates are more stable than the analysis shows, both studies indicate that a
sudden collapse of the fuel plates does not appear to be the limiting condition imposed by the fluid
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flow for current ANS design conditions. Indications are that flow-induced plate deflections are not
large at nominal flow conditions as well. For example, given a 10% preoperation channel gap width
defect (or 0.0635 mm/plate), the maximum plate deflection induced by the fluid is only ~0.03 mm.
Additionally, the induced deflection is directed opposite to the preoperational defect (i.e., it acts to
open the channel).!®

The effect of fuel plate oxide buildup on channel gap width is accounted for in TASHA. The
maximum effect of this on the gap width is on the order of 9 um (for 22-um oxide growth on each
fuel plate) or 0.7% of the nominal gap width.

The effect of fuel swelling on channel gap width could be significant under some conditions.
Maximum width reductions of ~6% (see Sect. 4.5.2) could occur in locations where thick fuel meat
exists, but much smaller reductions would occur in thin meat regions, which is where heat fluxes are
highest. ANS fuel plate temperature criterion (i.e., fuel plate centerline temperature) was selected to
limit fuel swelling. More study is needed to characterize this effect on gap width.

Based on the results of the studies described above addressing the factors controlling channel gap
width variations and recognizing that the current L7 core design is thermally limited near the
sideplates, the deterministic gap uncertainty value of 10% (reduction in nominal, but not including
oxide buildup) is felt to be reasonable. The L7 power distribution is very peaked near the sideplates
so that, even with significantly larger gap width variations along the center span portion of the plate,
the core is not anticipated to be limited in this area. Efforts to characterize channel gap-size variations
more realistically and to perform more accurate thermal analyses of the effect of these variations on
maximum achievable core power will continue.

There have been limited statistical investigations of the uncertainties associated with the ANS
fuel plate oxide growth rate correlation. Initial statistical analysis showed the correlation to
overpredict the data with a U factor (U9) mean of 0.89 and a standard deviation of 0.18. It was found
that the correlation was most conservative at high oxide thicknesses, which are obviously of most
concern. Thus, for CSAR analysis, a deterministic value of 1.10 was used, providing a 10% margin
on the conservative correlation values.

The uncertainties for inlet temperature, exit pressure, flow, and reactor power in Tables 4.2 and
4.3 (and Table 4.5 discussed subsequently) are those applicable to the operating margin (window).
Thus, these uncertainties include both measurement and control uncertainties and, as indicated in the
tables, are small deviations around the nominal operating point.

The net uncertainty values in the tables were derived from both measurement and control
uncertainties using the values for each presented in Table 4.6.'* This derivation used the SRSS
method. In performing this derivation, the control margin uncertainties were interpreted as two
standard deviation values (measurement uncertainties as three standard deviation values as indicated in
Table 4.2) for the purpose of calculating the one standard deviation net values given in Table 4.6.
Further, as indicated in Table 4.2, the corresponding net uncertainty probability distributions were
assumed to be normal. For the deterministic net uncertainty values given in Table 4.7, the values
given in Table 4.6 were simply used as given in the SRSS calculations; thus, they represent two to
three standard deviation values.

Investigation of thermal limits was also performed for the safety margin (or window), which
allows variations in these parameters to the LSSS limits. For the safety margin analysis, each
parameter was set to its LSSS limit plus measurement and control uncertainties except for the reactor
power, which was the calculated parameter. Measurement and set point uncertainties were combined
using the SRSS method to calculate deterministic net uncertainty values as described above for
measurement and control uncertainties. The trip set point values presented in Table 4.6 were then
multiplied by these uncertainty values to give the net values provided in Table 4.7.

In addition, correlations for heavy- and light-water properties were developed and their errors
were quantified. A more detailed description of this correlation and data evaluation process is given in
ref. 8.
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Table 4.5. Additional parameters treated with peaking worst

case values in statistical peaking factor method

Worst case

Parameter U? factor value
Inlet coolant temperature | U6 1.014
Exit pressure PSAR*/FSAR® 0.949
Flow PSAR/FSAR 0.99
Forced convection heat transfer correlation U8 0.94
Friction factor U7 0.90
Channel gap width - N/Af 1.14 mm*
Oxide correlation u9 1.10

“U = uncertainty.

*PSAR = preliminary safety analysis report.

FSAR = final safety analysis report.
“N/A = not applicable.

“10% reduction in nominal (1.27-mm) gap width.

Table 4.6. Advanced Neutron Source set points and instrumentation

and controls related uncertainties®

Measurement  Control margin  Over-shoot
Design  Trip set Set point Measurement response stainless typical
point point  uncertainty uncertainty time steel (maximum)
Response (%) % (% (%Y (ms) (%) (%)
Flux/flow ratio 1.0 >1.15 1 13 1 (flux) <3 3(10)
200 (flow)
Thermal power 100 >115 1 12 2000 < 3(10)
Primary outlet 100 <80 11 +1 30 <5 5
pressure
Reactor inlet 100 >120 +1 +1 2000 <l 5(20)
temperature
Flux rate 0 >20 +1 ‘15 N/A° N/A 5ms
Primary flow 100 <87 11 $1 200 e NA

“Source: J. L. Anderson, Martin Marietta Energy Systems, Inc., Oak Ridge, Tennessee, letter to M. Siman-Tov,
Martin Marietta Energy Systems, Inc., Oak Ridge, Tennessee, March 4, 1992,
*Measurement and set point uncertaintics are interpreted as three standard-deviation values.

“N/A = not applicable.
“Trip point for 100% power.

“Flow 15 not a controlled variable but is determined by pump characteristics and system pressure drops. Nominal full

flow will vary with core irregularities, oxide buildup, etc.
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Table 4.7. Safety margin values for inlet
temperature, exit pressure, and flow

Parameter Safety margin value’
Inlet temperature 1.22
Exit pressure 0.79
Flow 0.99

“Multiplier relative to nominal,

4.3 INTEGRATION OF MONTE CARLO ANALYSIS CODE WITH THE TASHA CODE

The MC technique is well known as a technique for statistical analysis of systems that are too
complex for analytic solution. An early example is the reactor safety study WASH-1400,"' for which
a simple generic driver program was written in FORTRAN to allow a user-written function to be
added easily. That program, named SAMPLE,' was used to determine probability distributions and
confidence intervals for various functions throughout the reactor safety study. The driver routine was
sufficiently general and has been used in many other studies as a result of the incorporation of
improved sampling techniques and other performance enhancements and generalizations.

The TASHA code was incorporated into the Science Applications International Corporation
version of SAMPLE as the “user function.” The integrated code functions as outlined in Fig. 4.3. The
result of the analysis is the determination of the maximum power level at a given probability and
confidence level.

A series of quality assurance test calculations have been performed to ensure the integrated code
is functioning as desired. Initial simulations include an example calculation with the integrated codes.
In the calculation, plate-level uncertainties (e.g., localized fuel segregation and hot streak) were treated
as if they were core-level, which produces nonconservative results. However, this treatment is being
revised. The example calculation examined maximum ANSR core power (G3 core design) assuming
the fuel centerline temperature is limiting at EOC. The maximum core power probability distribution
function (PDF) and cumulative distribution function (CDF) are presented in Figs. 4.4 and 4.5, based
on 1000 trials. Currently, the latest version of TASHA is being integrated with the SAMPLE code.

4.4 THE STATISTICAL PEAKING FACTOR METHOD

As indicated previously, a simplified method was used to incorporate uncertainties in most of the
steady-state analyses and all of the transients. This method is the statistical peaking factor approach
and is outlined in Fig. 4.6. In this approach, two statistically based peaking factors are first generated
separately (as discussed below) and then are input to the TASHA code along with a number of other
parameter uncertainties that are treated as worst case values. In contrast to the procedure used with the
fully integrated TASHA and SAMPLE code, only one TASHA code calculation is required to
determine the core maximum power level at each probability and confidence level,
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One peaking factor is defined to account for uncertainties in parameters directly affecting the fuel
plate heat flux and is denoted as the hot spot peaking factor. The other is defined to account for
uncertainties in parameters directly affecting the bulk coolant temperature rise along the core and is
denoted the hot channel peaking factor. (These factors are also discussed in Sect. 2.) Uncertainties in
parameters that scale proportionally with power directly affect either the fuel plate heat flux or the
bulk coolant temperature rise.

For the hot spot, these parameters include reactor power; local power distribution; IB, CHF, or
FE limit; and fuel segregation with or without nonbond. For the hot channel, the affected parameters
include reactor power, streak-average power distribution, fuel plate heated length, and integrated hot
streak.

As an example, the hot spot factor for CHF, f£%, is defined by:

" =Ul x U3IU22 x U, , (4.6)

where U, denotes the combined effect of local fuel segregation plus a nonbond. Note that U,, is
treated deterministically here, but future analyses will treat this factor statistically. The three remaining
U factors, which are core-level parameters (see Table 4.2) are sampled once in MC analysis (see
Fig. 4.6) for each core trial and then are used to calculate f,,‘;'”’ . Then, based on 10° trials, a PDF and
CDF for 5% are produced. The IB hot spot factor is calculated in the same manner, but with U22
replaced by U23; however, the uncertainty probability distribution for them is currently the same, thus
the hot spot factor for both is the same. For the FE hot spot factor, -2, U,, is replaced by the hot
streak fuel segregation uncertainty (i.e., 1.10) described in Sect 4.2. For temperature limit calculations,
two other factors are calculated that are the same as f-* and /7, but without U22 and U25,
respectively. Two peaking factors are used for the oxide hmxt becausc of the form of the oxide
correlation [Eq. (3.10)]. The oxide is assumed to grow based on the hot streak heat flux (i.e., using FE
without U23) because conduction tends to wash out localized heat flux peaks (such as that imposed by
fuel segregation and nonbonds) as the oxide thickness grows.'> However, the temperature rise through
the fuel plate is calculated based on the localized peak heat flux (i.e., using f<* without U22). As
mentioned in Sect. 2.1, calculations such as those described in Sect. 4.5.2 wﬂl be used to “tune” this
calculation method (or to show that it is conservative).

The hot channel factor, F,,, is defined by:

Foo= Ul X Uy x (U2 x U24m)y,, | &7

where U, denotes the streak-average power distribution, and the brackets denote that the maximum
value of U2 x U24m (plate-level parameters) for all plates in a given core is to be used. This value is
used with the values for the other two parameters, which, as indicated previously, are core-level
parameters. Thus, for a given core trial, the values of U2 and U24m are sampled 684 times (the total
number of plates in the core), the product calculated, and then the maximum value multiplied by
values of Ul and U,,. The result is a single (core-level trial) value of F,.. Then, as with the hot spot
factors, based on l()6 core-level trials (684 x 10° plate-level trials), a PDF and CDF are produced.

Next, the peaking factor CDFs are used to define the appropriate peaking factors at the desired
probability and confidence level. As previously indicated, these and the other parameter uncertainties
are used in the TASHA code to determine the maximum core power.
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The other parameter uncertainties are treated with worst case values. These parameters include
those given in Table 4.3 in addition to those that could not be included in the peaking factors. These
additional worst case values are provided in Table 4.6. (Note that these values were treated with
probability distributions in the full MC analysis.) Table 4.8 presents peaking factors for the limiting
criteria at both 95 and 99.9% probability levels.

Table 4.8. Hot spot and channel peaking
factors at 95/95 and 99.9/95%
probability/confidence levels

Peaking factors 95/95%

Hot spot (IB,* CHF?) 1.59
Hot spot (FE°) 1.33
Hot spot (oxide) 1.17 and 1.39
Hot channel 1.10
Peaking factors 99.9/95%
Hot spot (IB, CHF) 1.94
Hot spot (FE) 1.63
Hot channel 1.14

7B = incipient boiling.
CHF = critical heat flux.
‘FE = flow excursion.

Off-line peaking factor models, such as those used in ANS studies, have been used in a number
of other reactor studies.'™'* These studies complement each other and address many of the issues
that have been identified in ANSR uncertainty studies. The papers clearly identify the different levels
of uncertainties (e.g., plate, assembly, and core) involved in analysis and the statistical complications
that result. They offer alternative means to deal with them, generally through simplifying
assumptions. In these studies, peaking factor models were evaluated using MC analytical techniques.
Although the thermal limits were only the bulk coolant temperature (and fuel surface temperature in
some studies), the concept is the same as that used in ANSR statistical peaking factor models, hot
channel and spot. It is reassuring to find previous studies employing the same general technique.

One of the papers'™ shows that for high probability calculations (~0.999+), ignoring the
difference in the level (i.e., plate and core) of the uncertainties results in little error (i.e., only
slightly conservative); however, this relationship only holds true for the probability of plates not
failing. If the probability of multiple plates failing is considered, the above simplification can be
nonconservative. Given the currently assumed propagation of a fuel plate failure in the case of ANSR,
this simplification can be used to enable high probability analysis. It is expected that such analysis
may be required for establishing nominal operation (steady-state) power limits. An initial check of the
penalty paid in ignoring the uncertainty levels was made using the ANSR hot spot statistical peaking
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factor model. Results indicate that the assumption introduces conservatism that does decrease with
increasing probability. At 95%, the conservatism is 17%, while at 99.999%, it is only 2.2%.

4.5 THERMAL ANALYSIS OF FUEL PLATE DEFECTS

Various perturbations from the design conditions on the peaking factors and maximum
temperatures for the new ANS fuel plate design and their effect on peaking factors have been
considered. These perturbations include lack of a metallurgical bond, local power excess resulting
from fuel segregation, coolant temperature variations, thermal physical property variations, and fuel
meat location.

4.5.1 Advanced Neutron Source Fuel Plate Design

The ANS fuel plates are thin composite plates that are manufactured in an involute shape. The
plate cross section is composed of two outer clad layers that are of equal thickness with a central
volume that contains fuel filler and/or fuel meat. The borders of the plate contain no fuel volume.
The clad layers are aluminum (Al 6061) sheets that are metallurgically bonded to the filler meat by a
rolling process that compresses the filier meat and produces a fuel plate of the desired thickness. The
filler is pure Al 6061 powder, while normal fuel meat is a powder mixture of U,Si,(11.2% by
volume) and Al 6061 powder. Table 4.9 contains the pertinent geometric parameters of the ANS fuel
plate. The fuel meat can be located next to one of the clad layers or centered in the fueled volume.
The fuel meat in the HFIR design is located next to one of the clad layers in an offset location. The
new ANS design specifies a centered position for the fuel meat layer Figure 4.7 compares these two
designs for the minimum fuel meat thickness oondmon

Table 4.9. Advanced Neutron Source fuel plate dimensions
for hot spot investigations

Geometric Dimension
parameter , (m)

Clad thickness 0.000254
Filler meat volume thickness 0.000762
Total plate thickness 0.001270
Design maximum fuel thickness 0.000762
Design minimum fuel thickness 0.0001778

4.5.1.1 Heat Generation

The heat generation in the fuel meat is a function of the average local heat flux, the maximum
design power density, and the meat thickness or
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Fig. 4.7. Advanced Neutron Source fuel plate design: (a) offset and (b) centered fuel meat
designs.
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q" = MPd ¢, (4.8)

where

q” = volumetric heat generation rate (MW/m®),
MP, = maximum relative power density (unitless),
¢, = average local heat flux (MW/m?),

t,, = meat thickness (m).

The heat generation in the clad and filler is not known and is assumed to be zero for these
calculations. This assumption produces conservative estimates of the peaking factor and maximum
temperature since increasing the fuel meat heat generation increases the calculated peaking factor and
the maximum temperature.
4.5.1.2 Thermal Conductivities

A summary of the thermal conductivities that were not varied during these analyses is included
in Table 4.10.

Table 4.10. Thermal conductivity

Thermal conductivity

Material (W/mm - °C)

Filler , 0.17
Oxide 0.0023
Clad 0.15693 + 1.8738 x 107* T° — 2.5238 x 1077 T?

“T = temperature (K).

4.5.1.3 Coolant Parameters

The fluid properties for D,O flowing in a gap 1.27-mm wide and 70.29 mm in span were used
in the Petukhov® correlation (see Sect. 3) to estimate the heat transfer coefficient. The D,0O properties
were obtained from ref. 8. The Petukhov correlation for heat transfer coefficient as a function of
temperature is used with the parameters in Table 4.11.
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Table 4.11. Coolant boundary condition parameters

Parameter Value
Velocity 2.5 x 10 mm/s (2
Hydraulic diameter m/s) '
Gap height 2.494 mm

Gap span - 127 mm

Bulk temperature 70.29 mm
Reynolds number 90°C

Friction factor 1.8 x 10°

Prandtl number 0.0173

Absolute viscosity 2.4

Fluid conductivity 2.44 x 107 (Ns/mm?)

0.0634 (W/mm - K)

The properties at the specified state were obtained by evaluating the functions defined in ref. 8
using a FORTRAN code. This code was used to generate a table of the heat transfer coefficients as a
function of the average of the bulk and wall temperatures using Egs. (3.5) and (3.6). This average
temperature was used to accommodate input requirements of the thermal analysis code employed.

Calculations were performed for a range of bulk temperatures from 49-90°C. All results
reported in this document used the 90°C bulk temperature.

4.5.2 Variations from Design Conditions Investigated
4.5.2.1 Lack of Metallurgical Bond

One of the major manufacturing flaws that can occur is a failure to form a metallurgical bond
(nonbond) in the plate during the rolling process. This flaw can produce a major modification of the
local heat flow and the heat flux from the surface of the clad into the coolant channel. Proposed
inspection procedures will limit the maximum allowable nonbond to 1-mm diam. The heat transfer
across a nonbond depends on many parameters, such as contact pressure between the surfaces of the
nonbond void, gas composition and pressure in the void, fuel composition at the void surface, clad or
filler, as well as fuel hardness and yield strength, fuel swelling, local burnup, and void surface
emissivities. Most of these parameters are not known to any precision for the conditions in the
ANSR, and the models that use these parameters are not necessarily precise. Although there will be
some heat transfer across the nonbond, an adiabatic assumption (no heat transfer) will result in a
higher peaking factor and maximum temperature and is, therefore, conservative. Although no data
exist for the dimension of the nonbond thickness, it is assumed to be 0.1 mm in this analysis. Since it
is assumed to be adiabatic across this gap anyway, the exact thickness assumed for the nonbond is not
vital as long as the thickness is a small fraction of the diameter.

The most conservative position for a nonbond depends upon the type of plate design. For fuel
offset from the center, the nonbond void position that produces the most severe thermal conditions is
at the meat-filler interface closest to the center of the plate. This position produces the maximum
peaking factor and fuel temperature. For the centered design, the worst location is at the meat-filler
interface.
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4.5.2.2 Excess Local Power

Proposed inspection procedures require that the maximum allowable local excess fuel loading be
no more than 20% over a fuel plate area of 2-mm in diam. Several mechanisms can be postulated to
produce this excess. The assumption that would produce the most concentrated uranium volume
would be a dense lump of pure #°U located at the center of the 2-mm diam spot. This scenario
appears to be unlikely to occur in the manufacturing process. The next most concentrated segregation
spot assumption would be a solid lump of U,Si, at the center of the spot. Since the U,Si, powder is
controlled to have particles <150 pm, it is also unlikely that this condition will occur. The fuel
manufacturing process is such that 50% U,Si, is the maximum density that can be formed, and fuel
manufactured at this density will also include 15% void and 35% Al 6061. Therefore, a segregation
spot is assumed to be made up of a cylinder of 50% density U,Si, extending the thickness of the fuel
meat layer, surrounded by normal fuel, with a segregation cylinder diameter of 0.47-mm. This
cylinder segregation model was the basis of the T/H analyses reported in this document; however,
other configurations were also studied.

An alternative, and perhaps more conservative, assumption of surrounding the segregated spot
with an annular volume containing only filler (no fuel) was not used since no mechanism has been
proposed that can produce this condition. (This assumption may not be more conservative since the
much higher conductivity of the filler would reduce the effect of the larger 50% U,Si, spot.)

The ratio of heat generation in the segregated fuel to that of normal fuel is assumed to be equal
to the ratio of the densities of ®°U in segregated and normal fuel.

R =

3

Pn

PP:] ’ (4.9)

where

R, = ratio of heat generated in segregated fuel to that of normal fuel (unitless);
p = volume fraction of U,Si, (0.50);
= P density in segregated fuel (10.472 mg/mm’)
= Mu ¢ En,
Mu = mass of uranium (all isotopes) in U,Si, per volume of U;Si, = r,p, (mg/mm?),

o
WSiy | A
p, = density of pure U,Si, = 12.2 mg/mm’,
25
En = enrichment = 0.932 L....EJ ;
i

i.n

r, = 0.921 , mass of total uranium per mass of U,Si,,

p, = ®°U density in normal fuel 4 mg/mm?®),

= En p,,
= TU density in normal fuel (1.2 mg/mm?®).
For 50% U,Si,, R, = 4.68.

The diameter of the segregation spot (d,) is calculated from the relation:
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L

d’n
1.04; + (R, - 1.0) __:1_ =124 , (4.10)

where

A, = area of the inspection spot (3.24 x 107 m?),
R, = ratio of heat generated in segregated fuel to that of normal (unitless),
d, = diameter of the segregation spot (0.471 mm).

The excess local heat generation is also a function of the average local power or:

- Ropo, @.11)

where

g,% = at volumetric heat generation (MW/m?),

R, = ratio of heat generated in segregated fuel to that of normal fuel (unitless),
Pg = local relative power density (unitless),

¢, = average local heat flux (MW/m?),

t,, = meat thickness (m).

Since a segregation spot in the fuel meat is a possible cause of the metallurgical bond failure, a
segregation volume and a nonbond could be coincidental. If the segregation spot causes a nonbond,
then it is logical to assume that both would have the same diameter. If the nonbond was the same
diameter as the cylinder model, then this nonbond size would not be detected. Since it is not possible
to ensure that the nonbond size will be smaller than the maximum allowable, the nonbond is presently
assumed to be the maximum (1 mm). Therefore, the segregation spot could be assumed to be the same
diameter as the maximum allowable nonbond. Since the maximum allowable segregation volume is
less than that of a cylinder with the nonbond diameter (1 mm), the simplest segregation region to meet
these conditions is a disk adjacent to the nonbond. The nonbond/segregation spot is located at the
interface between the fuel meat and filler. Figure 4.8 compares the geometry of a cylinder segregation
model with a disk segregation model for the thickest fuel meat zone. Figure 4.9 presents the cylinder
segregation models, and Fig. 4.10 presents the disk segregation models for various fuel meat
thicknesses ranging from 0.762-0.178 mm. Although the disk segregation model is less conservative, it
may be more reasonable and was used in a few analyses.

The local power excess can also be produced by a uniform distribution of higher power fuel
material in the inspection area. Although this assumption is probably the least conservative, it was also
investigated to quantify the benefits of better control of the manufacturing process.

4.52.3 Fuel Thermal Conductivity

The conductivity of the U,Si, fuel particles changes under irradiation resulting from generation of
gaseous fission products. This phenomenon causes the conductivity of normal fuel to decrease almost
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linearly with increased fission density (increased burnup). However, segregated fuel exhibits a more
complex behavior. J. Rest™ used the DART code to calculate the thermal conductivity of the 50%
U,Si, material as a function of fission density. Conductivities calculated by the DART code for both
types of fuel are shown in Fig. 4.11. The gray region on the figure represents the span of fission
densities found in the L7 core design, and the vertical line represents the ANS design limit fission
density. The thermal conductivity of the normal and segregated fuel is evaluated from these curves by
knowing the fission density in the U,Si, particles. The ﬁssnon density, F,, is calculated from the initial
surface density of U and the burnup:

F,=a8 4 (412)
v M

where
F, = fission density (fissions/mm®),
§; = initial surface density (g #°U/mm?),
B, = burnup (p,/p.),
t = meat thickness (m),
; = volume fraction of fuel (0.112),
A = Avogadro’s number (6.023 X 10® molecules/g + mole),

Mw = molecular weight (*°U g/g - mole).

A summary of the range of thermal conductivities used in these analyses is included in
Table 4.12.

Table 4.12. Thermal conductivity

Thermal conductivity

Material (W/mm - °C)
Normal fuel (see Fig. 4.11)
Beginning-of-cycle 0.17
End-of-cycle at ANS® design limit (ANS peak) 0.0663
Segregated fuel—50% U,Si,, 15% void, 35% Al (see Fig. 4.11)
Beginning-of-cycle 0.0145
End-of-cycle 0.0245

U,Si, (unirradiated) 0.01336 + 2.4 x 10°°T*

“ANS = Advanced Neutron Source.
*T = temperature (K).
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4.52.4 Fuel Meat Location

The location of the fuel meat layer at the precise center of the fuel volume is difficult to achieve.
Assumed displacement of 0.0254 mm (1 mL) and proportional displacements of 25, 50, and 100%
from this ideal location were investigated.

4.5.3 Phenomena Not Included In These Investigations
4.5.3.1 Fuel Swelling

The fuel swells under irradiation as a result of the production of gaseous fission products.
Although individual fuel particles increase 50% in size, this increase produces a maximum of only 6%
(0.07-mm) growth in total plate thickness during the fuel cycle. This thickness change was not
included in these studies, and its effect on fuel plate maximum temperature and peaking factor has not
been evaluated. The increase in fuel volume will produce a reduction in local heat generation, while
the reduction in the channel gap width will result in higher bulk coolant temperatures (as a result of
lower coolant velocities).

4.532 Plate Bowing

Plate bowing can affect the coolant channel width, the bulk temperature, the heat transfer
coefficient, and the local plate geometry. The curvature of the fuel plate is ignored in these studies
since the hot spot model radius is small, and the plate surfaces are essentially flat over this region. The
small changes in the local curvature that can be produced by bowing should not affect these analyses.
Local changes in the thicknesses of the plate components are not expected because of the small
amount of bowing allowed. Although ignoring the changes in coolant heat transfer is not conservative,
it should be possible to use uncertainty factors derived in the same manner as those for HFIR in
conjunction with these analyses to incorporate this phenomenon. Plate deflection is accounted for,
however, in the overall T/H analysis and is discussed in Sect. 4.2,

4.53.3 Hot Streaking

The coolant bulk temperature was assumed to be the exit coolant temperature. This assumption
neglects the possibility of the upstream coolant being heated to higher than the exit temperature by a
sequence of hot spots or other phenomenon. Again, techniques for incorporating this effect should be
investigated.

4.5.4 HEATING 7.2 Finite-Volume Model

HEATING 7.2% is a finite-volume general heat transfer analysis computer code developed at
‘ORNL. This code was used to analyze detailed, 2-D, axisymmetric, nonlinear, steady-state models of
the fuel plate at the location of a nonbond or segregation spot. A typical model using 2640 nodes is
shown in Fig. 4.12. The calculations are performed simultaneously for this model and a companion
model that only has 1-D heat flow. The temperatures from the companion model are used for ease of
comparison and in the calculation of the peaking factors. The temperature at the surface of the models
(on the coolant channel) was used to calculate the local heat flux and therefore the hot and cold side
peaking factors. The maximum temperature in the model is also reported. This temperature is always
located in the fuel or segregated fuel volume, if present.
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Grid and convergence studies have also been performed.
4.5.4.1 Peaking Factor

Kirkpatrick' reported the effects of a hot spot produced by segregated fuel or nonbond on the
hot side peaking factor. The hot side peaking factor was defined as “the ratio of maximum [heat] flux
. . . to the flux that represents the average of the hot and cold sides.” This definition is consistent
with ANS and HFIR steady-state T/H codes and is the definition used in this study.

4.5.5 Analyses
4.5.5.1 Meat Thickness Variation Analyses

Previous HFIR*™* and ANS®2*4 hot spot studies have used the design limits for various
parameters in analyses that vary the meat thickness from the minimum to the maximum. The other
design limits used in these analyses are the maximum relative power density and fuel burnup, the
maximum and minimum coolant bulk temperature, the coolant flow rate, and the oxide layer
thickness. The fuel burnup determines the normal and segregated fuel conductivities. The coolant
conditions determine the forced convection heat transfer coefficient.

4.5.5.2 Design Limits Studies

These studies involved a series of thermal analyses using HEATING 7.2 with the current ANS
thermal design limits (Table 4.13). Nonbond size, segregation factor, fuel meat location, coolant
conditions, thermal conductivities, segregation models, and the oxide layer have been investigated in
these studies. Figure 4.13 reports a summary of the hot side peaking factor as a function of fuel meat
thickness for models, including a 1-mm-diam nonbond, a segregation spot (cylinder, segregation
model), and nonbond with a segregation spot (disk segregation model) for clean fuel (oxide thickness
= (). Figure 4.14 presents the maximum temperature results from these analyses. The addition of a
30-um layer was also studied, and the results are reported in Figs. 4.15 and 4.16. Since it is not
possible to center the fuel layer precisely in the fuel volume, an investigation of the effects of
displacement from the design location was performed. These results are reported in Figs. 4.17 and
4.18.

Table 4.13. Advanced Neutron Source thermal design limits
pertinent to hot spot investigations

Parameter Limit

Relative power density ' 2.31
Maximum burnup (B,) EOC® 0.925

Fuel conductivity (max. B)* 0.0663 W/mm - °C

Segregated fuel conductivity (max. B)* 0.0245 W/mm - °C
Minimum meat thickness 0.1778 mm
Maximum meat thickness 0.762 mm
Maximum oxide thickness EQC 30.0 um
Minimum oxide thickness EOC 0.0 um

“Estimated from ORNL-DWG 90Z-9704. B, = burnup, and EOC = end-of-cycle.
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4.5.5.3 L7 Design Values Studies

A specific fuel plate design may not approach the above design limits because other constraints
may control the design. The latest ANS core design is called the L7 core, and, from Table 4.14 it can
be seen that the maximum and minimum meat thickness are not equal to the design limits. Also, the
maximum power density occurs early in the fuel cycle. The maximum relative power density when
the fuel conductivities are lowest (at EOC) is much lower than the design limits. The meat thickness
variation studies were repeated for the maximum and minimum values found in the L7 core design for
EOC. Table 4.14 presents a summary of the values that were used in the analyses. Figure 4.19
presents a comparison of the hot side peaking factor for the actual L7 core design and design limit
meat thickness variation studies. Figure 4.20 presents a comparison of the approximate maximum
temperature for these studies. These studies were designed to determine the maximum peaking factor
and not necessarily the maximum temperature. The maximum forced convection heat transfer
coefficient was used to produce the maximum peaking factor estimate. The minimum coefficient
should be used for more conservative maximum temperature estimates. Although the temperatures are
not strictly conservative, trends in results between models should be accurate.

Table 4.14. Summary of L7 core design values at end-of-cycle

Parameter Design value

Maximum relative power density 1.7803
Maximum fuel burnup 0.799

Fuel conductivity at maximum burnup 0.0795 W/mm - °C

Segregated fuel at maximum burnup 0.0309 W/mm - °C
Minimum meat thickness 0.2214 mm
Maximum meat thickness 0.7366 mm
Minimum oxide thickness 1.431 um
Maximum oxide thickness 22.334 ym

This comparison demonstrates that a small but significant reduction in the peaking factor is
possible. The estimated maximum temperatures do not show significant change and remain higher
than desired.

The investigation of offsetting the meat layer was also performed for the L7 values and the
results are reported in Figs. 4.21 and 4.22. The amount of offset for each curve is labeled in
Fig. 4.21. The centered meat model is labeled 0% offset. The curve labeled “0.0254 mm” is from a
case with a constant offset of 0.0254 mm. The offset fuel layer makes a significant difference in the
peaking factor but no difference in the maximum temperature. The data in Fig. 4.22 (plotted as
circles with different radii) lay right on top of each other. :

4.5.5.4 Local analyses—L7 design values

The meat thickness variation studies assume that the worst case values occur at the same point in
a fuel plate and for all the meat thickness range in the design. Although this condition is the worst
possible combination of values, it may not occur. In fact, for the latest ANS fuel plate design, this
condition does not occur. Appendix A describes the nonuniformity of the ANS L7 core design fuel
plate at EOC. Using a combination of more realistic local values and conservative assumptions at



1-32 1 1 I I 1 1 1
1.30
ot
2
[
&
w 127 F
£
=t
«
Y]
=3
1.25
1.23

0 0.1 02 03 04 05 0.6 07 08
Meat thickness (mm)

Fig. 4.19. Comparison of peaking factor for L7 design values with design limits. (Minimum
oxide thickness: design limit = 0 pm, L7 = 1.4 pm.)

sw 1 1 1 i 1 1 ]

& 3
3 S

Temperature (°C)

g

400
0 01 02 03 04 05 0.6 0.7 08

Meat thickness (mm)

Fig. 4.20. Comparison of maximum temperature for L7 design values with design limits.
(Maximum oxide thickness: design limit = 30 pm, L7 = 22 ym.)



1.70
1.60 [ N
S -
o 1.50 |
&
-T4]
=)
2 140 F N
P
=W
1.30 7
1.20 3 ' .
0 0.2 04 0.6 0.8
Meat thickness (mm)

Fig. 421. Comparison of peaking factor for L7 design values with offset meat layers.

600 T ! T T T

550 7

Temperature (°C)
i
S
1
|

&
[
4

]

400 ] 1 | ! 1
02 03 04 05 06 0.7 08

Meat thickness (mm)

Fig. 422. Comparison of maximum temperature for L7 design values with offset meat
layers and minimum oxide thickness.



4-45

every point in the L7 core design tables, a more realistic (but still conservative) estimate of the
maximum peaking factor and fuel temperature can be obtained.

Figures 4.23 and 4.24 present the peaking factors and approximate maximum temperatures at
EOC for local heat transfer analyses. These results are compared with those produced by the design
limits and L7 worst case values. Large reductions in the peaking factors and maximum temperatures
are obtained. Since the maximum fuel temperature is required to be <400°C, the large reduction in
maximum temperature to a level well below 400°C is very important. Table 4.15 presents the thermal
parameters for the point that produced the highest peaking factor of 1.235.

Table 4.15. L7 maximum peaking factor point at
end-of-cycle using local ealculations

Parameter Value
Relative power density 0.4845
Local burnup ' 0.7095
Fuel conductivity 0.0891 W/mm + °C
Segregated fuel conductivity ' 0.0360 W/mm - °C
Oxide thickness EOC* 3.052 pm
Meat thickness 0.234 mm
Radius © 131.0 mm
Axial coordinate -28.8 mm

“EOC = end-of-cycle.

This series of analyses was repeated for a 0.0254-mm fuel meat offset. The peaking factor
results are included in Fig. 4.25 with the estimated maximum temperature in Fig. 4.26. The
maximum peaking factor is increased slightly by 0.018, while the temperatures are not changed
significantly. For comparison, these analyses were performed for a full offset fuel meat (100% offset)
model where the fuel meat is next to one of the clad layers. The peaking factor results for the 100%
offset model are compared with a centered model in Fig. 4.27. As with the previous global analyses,
these results show the significant reduction in peaking factor possible with the centered meat design.
The maximum temperature shown in Fig. 4.28 is less sensitive to the meat location.

As a demonstration of the flexibility of the local analysis technique, the series was repeated to
investigate the effect of varying the fuel thermal conductivities by +10%. This arbitrary variation was
chosen since the uncertainties in the conductivities of the normal and segregated fuel are not known.
The increase in maximum peaking factor is not large (0.006). The results presented in Figs. 4.29 and
4.30 show only slight increases in the peaking factor and maximum temperatures for a large variation
in these properties.

These analyses were performed for only the EOC values, and, although they demonstrate sizable
reductions in peaking factors and maximum temperatures, there is no certainty that the worst case
occurs at EOC. In addition, the oxide layer that is used is calculated from the TASHA code. The
estimates for surface heat flux calculated using the TASHA code are more conservative than these
local analyses. These studies should be repeated for each time step to determine more accurately the
local heat flux and, thus, the oxide layer thickness for each time step. These analyses could then
determine a more accurate (but still conservative) estimate of the maximum peaking factors and
temperatures. ‘
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4.6 CONCLUSIONS, LIMITATIONS, AND COURSE OF ACTION

The maximum reactor operating power was statistically determined (see Sect. 5), providing safety
margins compatible with an acceptable quantified probability/confidence level and simultaneously
accounting for uncertainties in assumptions, correlations, and input parameters. At this preliminary
stage of the reactor design, neither the data collected nor the methodology used allowed the
elimination of all worst-case parameters as desired. While the extreme conservatism normally involved
in the worst-case methods used in the past was avoided, some excess conservatism was retained in the
analysis. At the same time, it is not likely that all of the significant parameter uncertainties have been
included. The statistical peaking factor methodology applied in the conceptual design is quite
progressive but is still a combination of deterministic and statistical methods. The data base collected
for determining the uncertainties is relatively extensive, going beyond what was considered normal
practice, but is not yet complete. Extensive experimental data from in-house experiments planned for
the project at the specific range of the ANS conditions are not yet available.

The following are some activities planned for future development that will improve the statistical
treatment of uncertainties as well as allow further optimization of the design.

1. Further develop the statistical uncertainty methodology to allow a fully statistical approach
incorporating the integrated SAMPLE/T/H code along with MC, LHS, or FPI statistical techniques.
This methodology will replace the statistical peaking factor approach used in the CSAR.

2. Incorporate all other significant uncertainties that were not considered in the current phase into the
analysis through phenomena identification and sensitivity analysis.

3. Consider modifications in the assumptions or the design that will allow more flexibility in
maximizing the power or increasing the demonstrated safety margin.

4. Further expand and improve the experimental data base by incorporating additional data from the
open literature and from specific in-house experiments. This addition will improve the accuracy
and reliability of the uncertainty distributions, emphasizing fuel plate manufacturing defects and
boiling-related correlations (see Sect. 3).

5. Further improve the correlation selection through additional statistical evaluation and comparisons
with data (see Sects. 3.1.8 and 4.1).

6. Perform prototype and full-scale experiments to achieve and confim the expected uncertainty
levels projected in this CSAR for CHF, FE, and IB correlations (Sect. 4.2).

Most of the activities indicated above are either currently in progress or planned. As work
progresses toward the PSAR and the FSAR stages, the results of all these activities will be integrated
in the reactor design and analysis.



5. THERMAL-HYDRAULIC DESIGN AND SAFETY ANALYSIS

Analysis results presented in this section are divided into several subsections primarily related to
the codes used. As mentioned previously, transient analysis is beyond the scope of this report, and
only steady- or quasi-steady-state results are discussed.

5.1 STEADY-STATE DESIGN
5.1.1 Fuel Loading Design and Core Region Thermal-Hydraulic Parametric Studies

The configuration of the ANSR (small core volume, D,0 coolant and reflector, etc.) is such that
the location and magnitude of the neutron flux is relatively insensitive to the fuel location. Present fuel
manufacturing techniques also allow the fuel to be graded in both the axial and radial directions within
the fuel plates. These two features allow the fuel grading design to be tailored to accommodate T/H
characteristics. The neutronics and T/H design have, therefore, been integrated within the project, and
cooperation between the neutronic and T/H design teams has led to sxgmﬁcam 1mprovcments in core
design.

Once inlet conditions have been specified, two T/H parameters that vary within the core
significantly affect the thermal limits. These parameters are the local bulk coolant temperature and the
local fluid pressure. Since each of the thermal limits is affected by one or both of these parameters,
core power profiles can be imagined that maximize the power output of the core without exceeding a
specified thermal limit (if the effect of fuel burnup and control rod movement are temporarily
ignored). Ideal axial power profiles were generated for design purposes that cause the desired limit
criteria to be met at all points on the fuel plate. (The oxide limits of fuel centerline temperature and
oxide temperature drop were forced to be met at all points on the fuel plates at the EOC by allowing
the oxide thickness to grow throughout the fuel cycle and determining the power density profile that
meets the criteria.) This ideal scenario allows for the achievement of maximum power from the core or
maximum margins in the core design. These profiles were generated by treating the bulk coolant
temperature as an initial value problem, integrating along the fueled length of the core using a Runge-
Kutta scheme, and determining the local heat flux that forces the centerline temperature 1o reach

400°C at EOC (or the spallation temperature drop limit, IB limit, etc. to be met at all points on the
fuel plate) assuming that the oxide grows according to Eq. (3.10).

These ideal power profiles were used as an initial guide for the fuel loading desxgn In reality,
these ideal profiles cannot be achieved for all radial locations of the fuel element or all times within
the fuel cycle. Therefore, the neutronics calculations were aimed at producing radially and time
averaged power distributions that followed the ideal shape. Figure 5.1 shows one of these averaged
distributions (symbols) that was optimized to the spallation temperature drop limited ideal profile. Also
shown on this figure are ideal profiles for the maximum centerline temperature limit and the 1B limit.
Once an initial fuel grading was established using the ideal distribution, the T/H calculations were
performed using the TASHA code. Results of the T/H code calculations (as ratios representing how
near the local power densities were to the thermal limits) were then used to refine the fuel loadings,
and the neutronics calculations were repeated. A comparison of three ANSR fuel designs is presented
in Fig. 5.2, with designs progressing from G3 to I3. This figure shows the IB limited powers as a
function of time in the cycle as well as the oxide limited powers for these fuel designs. For case G3,
axial grading of the fuel was allowed only within the first and last 100 mm of the fuel plate heated
length, and optimization was for the IB limit. For the “I” cases, grading was performed along the
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entire fueled region, which should better approximate the ideal profiles—case I1 was optimized for the
ideal IB profile, while I3 was optimized for the ideal oxide profile. In progressing from design G3 to
11, both the oxide and IB performance improve as the region of fuel grading encompasses the entire
fuel plate heated length since both oxide and IB ideal profiles are biased toward the core inlet where
pressure is highest and temperature is lowest. An additional increase in oxide performance is achieved
by optimizing with respect to the ideal oxide profile (I3); however, a decrease in the IB limited power
is also noted. This decrease can be anticipated by examining Fig. 5.1.

A core design that represents a fuel loading more typical of the ideal 1B profile would be limited
by oxide growth near the core inlet at powers lower than a design that more closely represents the
ideal oxide distribution. The reverse is true if the fuel design more closely represents the ideal oxide
profile. The design of the core with respect to oxide limitations is very complicated, depending on
both local instantaneous thermal conditions as well as the time dependent nature of these conditions.
However, as Fig. 5.2 shows, increases of up to 40% can be achieved by careful tailoring of the fuel
loading. The grading of the L7 core chosen for the conceptual design was based on optimizing the
oxide performance. The power distribution for this dcsngn at various times throughout the operating
cycle is shown in Fig. 1.12.

The TASHA code has been used to perform several T/H parametric studies of the core region to
establish the combination of operating parameters and core geometry noted in Sect. 1. These studies
have included the effects of core heated length, channel gap, coolant inlet pressure and temperature,
and coolant velocity on the thermal performance of the core. In addition, since the fuel is being graded
in both the axial and radial directions in the fuel plates, T/H analyses have been used to evaluate and
alter fuel loading within the core.

An example showing the effect of the heated 1cngth of the core on the T/H performance is shown
in Fig. 5.3. This figure shows the maximum thermal power density at which the core can operate
without exceeding the IB limit at any point in the core. These curves represent the performance of two
early fuel grading designs (designated G3 and F4) at two differing inlet temperatures. (Uncertainty
levels in these early calculations are somewhat different from those described in Sect. 4, and,
therefore, these results are presented only for illustration.) As this figure illustrates, increasing the
fueled length (for a fixed inlet pressure) decreases the IB limited power level. This phenomenon
occurs because of the increased pressure drop through the core with increasing fueled length and the
correspondingly lower local pressure at the core exit where IB is limiting. The fuel grading also
impacts the behavior of these curves since both the local bulk temperature and the local heat flux are
dependent on the relative power density profile (which is dependent on the fuel loading). Other
considerations also enter into selecting the fueled length, including fuel plate stability, the effect of
core volume and length on the neutron flux, etc. These considerations are discussed in the ANS
CSAR.

The coolant channel gap has also been studied parametrically. Table 5.1 shows the sensitivity of
the minimum of critical heat flux and flow excursion limited power to a decrease in channel gap
thickness. A 30% decrease in the minimum channel gap causes an ~30% decrease in maximum power.

The effect of coolant inlet temperature on IB power is also represented in Fig. 5.3. These
calculations indicate an ~0.5% increase in average allowable power density for every degree of coolant
temperature decrease. This increase results from the impact of the local bulk temperature on the 1B
limit. The choice of design inlet temperamre of 45°C also considered other factors, including heat
exchanger cost, etc.

The impact of core inlet pressure and coolant velocity is illustrated in Figs. 5.4 and 5.5.

Figure 5.4 shows the effect of increasing the core inlet velocity on the maximum IB limited power.



Power density (MW/L)

[ ¢ Tin=49C

s Tin=45C

= F4 - Power Distribution
- = (33 - Power Distribution

o
D

370

400

Fig. 5.3.

10 40 W 50
Heated length (mm)

Effect of heated length on maximum power.

s



5-5

Table 5.1. Variation of Advanced Neutron
Source reactor maximum power with
coolant channel gap

CHF or FE® limiting

Gap width power [MW(1)]
(mm)
127 456
1.14 ‘ . 416
0.889 317

*CHF = critical heat flux.
*FE = flow excursion.

(Again, this figure represents an early core design with uncertainties differing from those in Sect. 4
and is shown for illustrative purposes only.) The maximum allowable power initially increases with
increasing coolant velocity, peaks, and then decreases. The peak is caused by the competing effects of
improved heat transfer and decreasing local pressure with increasing velocity and their effects on the
IB criterion.Increasing the heat transfer coefficient (with increased coolant velocity) increases the IB
limit, while decreasing the local pressure decreases the IB heat flux. Other factors alter the shape and
location of the maximum power curve on such a plot. As indicated on the figure, as core inlet pressure
increases, the peak in these curves tends to move to the right. As inlet pressure is increased for the
same coolant velocity, the local pressure is increased by approximately the same amount; thus, the IB
flux tends to increase. Although not presented here, the effect of increasing the heated length is similar
to the effect of decreasing the core inlet pressure (and therefore local pressure); that is, IB power
decreases as the heated length increases (because the local pressure decreases).

Another way of examining the effect of coolant velocity on IB limited power is to maintain the
core outlet pressure constant (i.e., increasing the inlet pressure) as the velocity is increased. This type
of analysis is shown in Fig. 5.5. (Again, this figure should be used for illustration only.) In this case,
because the local pressure at the limiting location is held constant, increasing the coolant velocity does

‘not cause a maximum in the maximum IB limited core power curves.

Because the power distribution changes during the fuel cycle, the T/H limits and, therefore,
margins also change. This variation is illustrated in Fig. 5.6, which shows oxide, IB, FE, and CHF
limits over the fuel cycle. (These calculations were performed with the uncertainty treatment and
values discussed in Sect 4.) For comparison, these values were all calculated at 95% probability levels.
The oxide limiting power can be interpreted as being the maximum power at which the core can
operate for the entire 17-d fuel cycle without exceeding either the 119°C oxide temperature drop limit
or the 400°C centerline temperature limit. Also indicated in this figure are the relative magnitudes of
the various limits. The CHF limit normally is ~35-40% higher than the IB limit, while the FE and
CHF limits are approximately the same at normal operating conditions. (At lower pressures, the FE
limit is much lower than the CHF limit). Although not shown on the figure, the power at which the
local fuel plate surface temperature equals the local saturation temperature is ~7% lower than the IB
limit.
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Oxide thickness as a function of position on the fuel plate over the 17-d fuel cycle for the L7
fuel design (power distribution shown in Fig. 1.12) is shown in Fig. 5.7. A constant 303-MW(t)
power level over the entire 17-d fuel cycle was assumed for these calculations. As the figure
indicates, the maximum oxide thickness for this fuel design is 22.4 um and occurs at the outer fuel
radius of the lower core. A more complete discussion of the design aspects of oxide growth is given
by Yoder et al.’?

5.1.2 Natural Circulation Behavior

In-loop, steady-state natural circulation behavior is discussed in Sect. 5.2, Safety and Margin
Analysis. However, under refueling conditions, several parametric studies have been performed.

Since the ANS fuel cycle will last only 17 d with ~4 d allowed for refueling, it will be necessary to
remove and install ~ 17 cores (i.¢., both elements) per year. A refueling machine will be used to
remove the element from the primary coolant loop and place it into a heavy water, short-term storage
pool.

Each core half will be removed separately, and an absorber within the central hole and/or outer
region of each core half will be used to control core reactivity while it remains submerged within
D,0. Figure 5.8 shows one possible design for the removal path. The region marked “1” is filled
with D,O and will be open to the primary system during refueling. The absorber will be installed and
each core half will be moved from its normal position within the primary system (A) and moved to
position (B). After a cooldown period, it will be placed within a D,0/H,0 lock. The lock, initially
filled with detritiated D,0, will open to the transfer tunnel and accept an element, after which it will
be resealed and flushed with H,O. At this point, the element can be moved to the light water storage
pool until it is removed for reprocessing.

Even some time after shutdown, the residual core power wxll be several hundred kilowatts, and
some means of core cooling will be required in order to prevent overheating. The effectiveness of
natural convection cooling during this process is discussed here. The object of this study is to
determine the length of time required after reactor shutdown before the cores can be cooled by natural
or forced convection with no boiling. The no boiling condition is presently used to provide a
significant safety margin before the possibility of fuel damage might occur. For this initial
investigation, it has been assumed that the core is stationary and is submerged thhm an infinite
coolant pool.

Uncertainty levels that affect calculation of the bulk coolant temperature and the local hot spot
conditions were also included in the analysis. For initial analysis, hot channel and hot spot uncertainty
values were set at their 95% probability levels (see Sect. 4). In addition, a heat transfer coefficient
correlation multiplier of 0.94 was used deterministically. This multiplier forces the Sudo correlation
to skirt the lower bounds of the data envelope presented in ref. 11. These factors were incorporated
into the analysis by multiplying the local temperature rise, the heat flux, and the heat transfer
coefficient by the appropriate factor.

To provide some conservatism in the present initial calculations, IB was used as the thermal
design limit and was calculated using Eq. (3.4). Because many details of the refueling process have
yet to be determined, a parametric study was performed. The present analysis assumes no obstruction
to the flow either at the bottom or top of the coolant channel, and that flow is supplied to each core
half from an infinite coolant pool. Three parameters were examined—the effect of core location
within the pool {i.e., the pool depth where the core half is located (defined from the top surface of the
pool liquid to the bottom of the core half)], the effect of coolant temperature, and the effect of adding
a chimney above the core to improve natural circulation performance. Since ANSR uses two separate
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core halves, each of which will be separately cooled by pool water, the maximum power (the power
where one point in the core is at the IB limit) for each core half was first calculated based on the
beginning of cycle power distributions, since that is the limiting condition. The limiting core half was
then used to determine the maximum operating power for a given set of coolant conditions. The time
after shutdown was then determined by comparing this power to the decay heat curve,

Figure 5.9 shows the margin to IB in degrees celsius (defined as the difference between the 1B
wall temperature and the calculated wall temperature) as a function of the coolant pool temperature
and depth at 24 h after shutdown. As Fig. 5.9 indicates, a pool depth of ~20 m is required for a
pool coolant temperature of 35°C before natural circulation is adequate to prevent IB. Figure 5.10
indicates that a chimney placed above the core is effective at improving the IB margins.

Many of the same recommendations to improve the ANS steady-state T/H code that were
discussed in Sect. 3 apply to the natural circulation code as well. In addition, review of the
uncertainty values used in natural circulation calculations will be performed as the project progresses.

5.2 SAFETY AND MARGIN ANALYSIS

Table 5.2 presents maximum IB limited, CHF limited, and flow instability limited operating
powers at several times in the fuel cycle. These calculations were performed with the TASHA code
using core inlet conditions corresponding to the operating margin described in Sect. 4. The IB limit
calculated at a 95% probability level is shown in the table, while CHF and FE limits are shown at
both the 95 and 99.9% probability levels.

In addition, a best estimate calculation of CHF and FE is also presented with core inlet
conditions at their nominal values. As indicated in the table, the core design currently meets the
alternate design criterion for IB discussed in Sect. 1, and the best estimate limiting FE power level is
a factor of 1.6 above nominal.

Calculations examining the FE and CHF limits using the 99.9% probability level and coolant
inlet conditions established by the safety margin (also discussed in Sect. 4.) are presented in
Table 5.3. These calculations represent a drift of all controlled parameters to the safety set point.
(This condition would be considered an anticipated event.)

The reactor protection system provides scram on both power and flux-to-flow ratio to protect
against inadequate primary coolant flow as well as excessive power. Primary coolant pressure and
core inlet temperature scram settings have been tentatively set at 79% of normal core outlet pressure
and 122% of the normal core inlet temperature. For the calculations presented in Fig. 5.11, the core
exit pressure was varied parametrically while the core inlet temperature was assumed to remain at the
scram set point, the worst possible value for IB, FE, or CHF. The friction factor was assumed to be
at its 2 o value to establish pressures conservatively within the core region. Results of calculations are
illustrated in Fig. 5.11. Also shown in Fig. 5.11 is the region of normal operation about which there
is no boiling. As defined in Sect. 4.1, the no-boiling criterion applies only to normal operation,
whereas the no-CHF or -FE criterion applies to all anticipated events at a 99.9% probability level
(3.09 ¢ away from the best estimate value, if the distribution was normal) and to all unlikely events at
a 95% probability level (a 1.65 o away from the best estimate value, assuming a normal distribution).
It should be noted that, in fact, the appropriate distribution is not a normal distribution; proper
evaluation of actual standard deviation values will be performed at a later date.

Figure 5.11 is constructed to illustrate the relationships between nominal conditions, anticipated
operating conditions allowed by the reactor protection system, and design basis accidents. The
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Table 5.2. Limiting power level [MW(t)] normal operating margin

Limited 1B* CHF FE*
Best Best
Probability 95% 95% 999% estimate 95% 99.9% estimate

BOC 333 448 39 521 439 414 494
4254 332 420 390 511 427 40 482
8.5d 391 535 479 611 490 459 555
12.75 445 624 567 712 502 550 668
EOC" 345 458 407 533 448 415 511
Nominal operation 303 303 303 303 303 303

303

“IB = incipient boiling.

*CHF = critical heat flux.

‘FE = flow excursion.

“BOC = beginning-of-cycle.

‘EOC = end-of-cycle.

Table 5.3. Limiting power levels 99.9%

probability at the safety margin

CHF limiting power

FE® limiting power

Time IMW(0)] MW(D)]
0 363 365
4254 358 355
85d 440 406
1275 d 515 486
EOC* 371 366
Nominal operating 303 303

“CHF = critical heat flux.

*FE = flow excursion.
‘EOC = end-of-cycle.



20 ORNL-DWG 92M-3056R ETD
L ¥ ] v 1 v | b
o - -t :
" - -
p— . - -
= b\ - |__
; 15 L y" \‘ - - \ d ¢
= y - s Unlikely Events
= | A J
w X' >, ] c———
o X / -
“— l‘ s’ : ‘5§\~ Scram A
g 1.0 L ) A Setpoint (LSSS)
&

0o 7/ X \ Normal Operations
ot s
o 4 1 . ]
E 2.5 == == « Rest Estimate (hot
&= / 1 spot at CHF/FE) Anticioated
S s Unlikely | ==== 95% Probabllity (hot spot Evente
g S Events | heat flux below CHF/FE) 7
0 1 — §9.9% Probability (hot spot
o i heat flux below CHF/FE)

3 ' L

\ :& Low Pressure Scram (LSSS)
L\ i 1 N 3 N 3 V
0.0
0.0 0.5 1.0 1.5 2.0 2.5 3.0
Exit pressure (MPa)

Fig. 5.11. Advanced Neutron Source operating map for three-pump operations.

91-§



5-17

smallest and innermost region is that of normal operation. Throughout this region, there is no boiling
at any point in the core. The small square around the nominal operating conditions represents possible
instrument errors and minor control variations. Anticipated events perturb pressure or power in a wide
region around the nominal, but are interrupted with little overshoot after LSSS is exceeded. The more
severe challenges represented by design basis accidents may push the power-to-flow ratio and/or
pressure beyond LSSSs into the unlikely event region indicated on Fig. 5.11. The results of Fig. 5.11
are accurate for steady-state, nonboiling conditions; reasonably accurate in a quasi-steady-state sense to
transients in the anticipated event category; and less accurate for accidents in the unlikely event
category.

Three accident paths are illustrated on Fig. 5.11. Path X-X’-X" represents a loss of pressure
without change in flux-to-flow ratio. Path Y-Y’-Y” could be a pump coastdown or another accident
involving simultaneous degradation of core outlet pressure and flux-to-flow ratio. Path Z-Z'-Z” would
be typical of a power excursion, with the flux-to-flow ratio increasing without any concomitant loss of
core outlet pressure.

Path Y-Y’-Y” of Fig. 5.11 was chosen hypothetically and, therefore, is not guaranteed 10
represent any specific event. Pressure decay with flux-to-flow increase traces a path toward the CHF
safety limit curve. When the edge of the IB curve is reached, there is a2 5% chance of IB at the worst
location within the core. IB is defined as the point (or time) where the first bubble is formed on the
fuel surface. Further progression toward point Y may result in some void production by the time that
the CHF/FE safety limit curve is reached. Before point Y is reached, automatic control action would
insert control rods in an attempt to maintain a flux-to-flow ratio of one, and the letdown valves would
close in an attempt to maintain a constant core outlet pressure. If these control actions are not
eeffective, continued degradation of the control parameters would result in the set point for flux-to-flow
scram being exceeded, and the most likely event at that point would be reactor scram and rapid power
reduction with a consequent rapid improvement in the safety margin. But if measurement and set point
errors are at their worst condition in two of the three scram channels, the scram might not be initiated
until the actual power reaches the CHF safety limit curve.

When point Y is reached, the probability of CHF or FE at the hot spot is 0.1%, or 107,
Although the ANS scram systems are very fast, a rapidly developing accident (i.e., an unlikely event
or an extremely unlikely event) might force the trajectory to point Y’. The probability of hot spot CHF
at point Y’ is 0.05. This probability is acceptable when considering the frequency of initiating events
.capable of causing significant overshoot past the scram settings. Continued degradation of reactor
pressure and flux-to-flow ratio would lead to a rapid increase in the probability of FE or CHF until, at
point Y”, there would be an even chance of exceeding the FE or CHF limit. .

Table 5.4 shows the oxide limited power at all times in the fuel cycle. As is indicated by the
minimum power level of 299 MW(t), this core is limited by the oxide temperature drop (spallation) at
4.25 d into the fuel cycle. The limiting location is at the outside edge of the lower core. Additional
work on the fuel design in the future should show additional improvement in core performance with
respect to oxide growth behavior.

The L7 core design, therefore, does not currently meet the design criterion No. 3 discussed in
Sect. 1, either at nominal conditions or for an anticipated event where all controlled parameters drift to
their set-point limits. The combination of sharp peaks in the L7 power distribution and the significant
dependence of the oxide growth rate correlation [Eq. (3.10)] on local heat flux limits the core power
early in the fuel cycle. It is felt that this limit can be improved by several means. Three of the most
promising means of improvement are increased time-step and fuel-meat grading resolution and
improved fuel grading. To examine the impact of these effects, a sensitivity study was performed.
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Table 5.4. Oxide limits at all time steps

AT limited T,, limited power

Time MW(®)] [(MW(1)]
0
4.25d 295 308
8.5d 295 318
12.75d 308 341
EOC* 326 370
Nominal operating 303 303

“EOC = end-of-cycle.

The neutronics calculations currently use a coarse mesh to grade the fuel and a much finer mesh
to calculate relative power densities. This combination results in a rather jagged and peaked power
density distribution as evidenced by Fig. 1.12. To examine the effect of increasing the fuel thickness
mesh on oxide growth calculations, the oxide limiting channel (the channel located at the outer radius
of the lower core and designated as channel 26) was smoothed and the case was rerun. The results are
shown as case 2 in Table 5.5 (the original case is shown as case 1 and is used to normalize the other
power levels). A gain of 1.4% over nominal was achieved via this change alone.

Table 5.5. Sensitivity of oxide limiting power to fuel design issues

. Limiting:
Relative
Case Calculation limiting power Core Pos. Time (h)
1 Nominal 1 lower 26,31 102
2 26 smoothed 1.014 lower 26,24 204
3 26 smoothed, alternate 1.065 Jower 26,24 102
oxide growth
4 26 suppressed 1.075 lower 24,31 204
5 26 suppressed, alternate 1.126 lower 24,31 204
oxide

To examine the effect of shortening the neutronics timestep, an alternate method of calculating
the oxide growth (case 3, Table 5.5) was used. Normally, the oxide growth is calculated from time ¢
to time ¢ + I based on the power distribution for time #; the oxide limits of maximum centerline
temperature and maximum oxide temperature drop are calculated based on the time ¢ power
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distribution. This method is conservative if the power at the limiting position decreases from time 7 to
time ¢ + 1. To get an idea of how conservative this might be for the L7 core, an alternate method was
used to calculate the oxide growth. In this altemate method, the oxide growth was calculated from
time ¢ to time ¢ + 1, based on the time r power distribution as is normally done, but then the limiting
temperature conditions were calculated based on the ¢ + I power distribution. In reality, neither of
these methods is exactly correct, because a continuous description of the power density variation is
needed from time ¢ to time ¢ + J to get an exact solution to this problem. However, it does give some
idea how conservative the calculations might be, and how much improvement might be available with
power distribution information in smaller time step increments. Of course, if for some reason the
power distribution actually went through some maximum from time 7 to time ¢ + 7, then it is possible
that neither calculation would be completely conservative. Calculation in this manner increases the
limiting power level an additional 5% over the smoothed channel 26 case. .

Case 4 is like the nominal (case 1) calculations, except that channel 26 in the lower core has not
been allowed to limit. To do this, any relative power density in channel 26 with a value over 1 was set
to a value of 1. The idea in this calculation was to see what the effect of moving some fuel out of this
region would be on the limiting power. An increase of 7.5% over nominal was achieved by preventing
channel 26 from limiting. If channel 26 is suppressed and the alternate oxide treatment is used, a gain
of 12.6% over nominal is achieved. '

These calculations are intended to show the magnitude of improvement that might be expected
with further fuel grading work.

In this report, discussion of natural circulation while the core remains within the primary coolant
system will be limited to only steady or quasi-steady conditions. Transient studies of natural
circulation capabilities of the ANS have been performed and are reported elsewhere (see refs. 2-5).
Figure 5.12 indicates that pony motor flow would be sufficient to cool the core immediately after
shutdown without exceeding the IB limit even if the system were at pool pressure (0.3 MPa) and that
natural circulation would be sufficient after ~1 h. The power-time curve shown in this figure reflects
the total decay heat of the core. Because all of this heat would not be deposited to the coolant directly
from the fuel plates, using this curve as a reference introduces some conservatism into the conclusions.
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6. EXPERIMENTATION IN SUPPORT OF THE ADVANCED NEUTRON SOURCE
REACTOR DESIGN AND SAFETY ANALYSIS

Extensive testing of operating thermal limits and other T/H correlations will be undertaken to
support the T/H design and safety analysis of the ANSR. In areas where supporting data is limited or
nonexistent, experimental test facilities are planned to verify safety margins in the design. Additional
T/H experiments are planned to establish the safety-related performance limits of the ANSR. The
majority of the safety-related transient T/H of the ANSR will be done using RELAPS. The TASHA
‘code will be used for detailed T/H design and analysis of the fuel assembly under steady-state nominal
conditions, including statistical evaluation of the uncertainty involved. Other analytical tools will be
used for special situations. A multidimensional fluid code may be used to evaluate flow blockage in
the fuel assembly. A lumped parameter code using a high-level simulation language is used
extensively for control system and coolant system design studies and will be used for evaluation of
some safety-related transients as a check of consistency between analysis tools. However, RELAPS
will be the main analytical tool to perform most of the reactor safety-related transient analyses
presented in the FSAR.

RELAPS has been developed over many years for the simulation of transient T/H behavior of
power reactors. Many of the models and correlations in RELAPS are specific to the conditions
encountered during typical power reactor transients. Some situations expected during safety-related
transients in research reactors are quite different from those analyzed for power reactors. Therefore,
both RELAPS and the TASHA codes were modified to be applicable to the ANSR configuration and
operating conditions. Models and correlations have been identified and incorporated into the codes as
appropriate to accommodate these situations. Verification and validation exercises will be required to
-ensure that these models are properly implemented in the codes and that the resulting integral
modeling program (i.e., code and system models) is capable of representing ANSR transients.

A preliminary experimentation plan has been developed to define the type and scope of
experiments needed to support the design and safety analysis of the reactor as well as to provide a
basis for the verification and validation of the major codes used in the analysis.

Four areas dictated the direction of the experimentation plan: (1) the thermal phenomena that are
limiting the reactor thermal performance within accepted safety margins, (2) the design and safety
criteria used for the analysis, (3) the availability of reliable T/H correlations and their supporting data
base, and (4) uncertainty distributions and tolerance requirements. These areas will be briefly
discussed here, followed by a discussion of the facilities and the experiments that have been
performed or that are currently planned.

6.1 PHENOMONOLOGY OF THERMAL LIMITS IN THE ADVANCED NEUTRON
SOURCE REACTOR FUEL ASSEMBLY

This section will review the limiting thermal conditions in the reactor fuel assembly (i.e., CHF,
FE, and IB as related to hot stripes and hot spots) and the models and data available and/or needed to
evaluate these thermal limits. This background is necessary to justify the experiments that are
subsequently described. The requirements for verification and validation of a complicated system code
in conjunction with the complexity of the T/H phenomena that control the thermal limits in the fuel
assembly must be understood to appreciate which experiments are needed and the basis of the
structure for such experiments.

6-1
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6.1.1 High Mass Flux Conditions (G > 2000 kg - m™ + s71)

The cooling channels in the ANSR fuel assembly are all parallel and share common inlet and
outlet plena, imposing a common pressure drop along all the channels. This core configuration is
subject to a potential excursive instability, called FE, that may occur once boiling is initiated in any
one of the channels.*** The FE phenomenon constitutes a different thermal limit from a true CHF
or departure from nucleate boiling (DNB). In such a system, initiation of boiling in one of the
channels (e.g., the hot channel) can result in flow redistribution to the other cooler channels. This
process can very rapidly lead to flow starvation, which, in turn, leads to a DNB in the hot channel at
flows lower than the nominal flow rate. The FE phenomenon is in contrast to a primary DNB that
occurs at a nominally constant flow rate, referred to here as a “true CHF.” Unfortunately, many of
the CHF correlations are based on some combination of primary DNB where the mass flux at the
position and time of the DNB are known, and FE where the mass flux at the time and position of the
DNB are not known (i.e., the researchers recorded the mass flux at the onset of FE, not at DNB).
This situation undoubtedly contributes to the wide scatter in reported CHF data. Only data taken with
appropriate channel pressure drop characteristics (constant pressure boundaries) should be used to
establish the conditions at the onset of FE in the fuel assembly of a research reactor. Similarly, only
data taken with constant and known mass flux conditions should be used to establish true DNB (or
CHF) conditions.

The more complete way to predict the occurrence of FE is to perform flow vs pressure-drop
analysis of the parallel channels involved and to predict the subsequent flow redistribution under
constant and common pressure-drop boundary conditions. Performing this prediction is quite complex
because of the uncertainties involved in predicting void fractions and pressure drops in two-phase
flow. In reality, after boiling starts, the flow resistance of the channel increases drastically, leading to
flow reduction in the channel. The flow reduction promotes more boiling, which rapidly leads to FE.
Therefore, it is normally accepted that FE [also referred to as the onset of flow instability (OFI)] will
most likely occur near the point where sustained net vapor first appears. This point is called the
ONVG point® or the point of onset of significant void (OSV).

Since FE is a pressure-drop driven phenomenon, it can be expected that anything that affects the
pressure drop characteristic of the channel (both single- and two-phase) will influence the position
where FE is initiated. The conditions leading to the onset of this instability can be expected to vary
with the ratio of heated perimeter to channel cross-section area, the amount of pressure drop in the
unheated sections upstream and downstream of the heated section (but included in the section where
the pressure drop is held constant), and the length of the unheated section downstream of the heated
section (caused by condensation that results in some pressure recovery).®

Maulbetsch and Griffith'** and other investigators'*#'*’ analytically and experimentally
demonstrated the conditions under which excursive instability will occur. They have determined that
such instability will occur “if the slope of the (demand) pressure drop vs flow rate is more negative
than that of the external supply system.” This statement is expressed mathematically as:

d(AP_) S d(AP,)
av av
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where

AP, = external supply pressure drop (Pa),
AP, = test section pressure drop (Pa),
V = coolant velocity (m/s).

Figure 6.1 presents a typical plot of the pressure drop vs flow rate relationship under various
boundary conditions. In the case of many parallel channels between large common headers, as is the
case in the ANSR, the slope of the external supply system is practically zero and is represented in
Fig. 6.1 by horizontal lines (A and B). This relationship means that, in order to properly simulate the
true FE phenomenon in an experiment, the test section supply system must have a very shallow
pressure drop/flow rate slope. This simulation has been achieved in past experiments by using a large
bypass around a single heated channel. As the supply system “stiffens” (or the supply side pressure
drop/flow rate slope approaches infinity), the experiment becomes capable of simulating a true CHF
condition. In this case, the flow rate to the test section is independent of the test section pressure
drop. :

Knowing which of the two types of limiting phenomena—true CHF or FE—should be used as a
thermal limit for the ANSR configuration is crucial. In most cases, FE will precede true CHF in such
a configuration.” However, the sequence of these phenomena depends on the specific conditions
involved. It was demonstrated that FE will occur at heat fluxes much lower than the CHF (as low as
half) at low pressure, low velocities, and low subcooling.'* Some recent data taken at conditions of
very high local subcooling and heat flux at pressures near the operating pressure for the ANS (Boyd,”
and Celata et al.*) indicate the pressure drop in the channel may not increase appreciably prior to
DNB. These data are consistent with the trend reported in the data of Inasaka, Hariai, and Shimura'*
and Rohsenow and Clark,'*® which show that the increase in pressure drop in the channel with
subcooled boiling is less significant as pressure and local subcooling is increased. Unfortunately, the
exit pressure measured by Boyd was actually measured 5 to 6 L/D downstream of the heated length.
The pressure drop resulting from the change in momentum flux may have been recovered in this
length, as discussed earlier. It remains unclear if a similar situation existed in the data taken by Celata
et al.* If the possibility of having missed the pressure drop because of the change in momentum flux
is ignored, this data indicate that, as exit subcooling and pressure are increased, the thermal limit
changes from an FE leading to decreased mass flow and burnout to a primary departure from nucleate
boiling. Since the ANS normally operates at moderate pressures and very high mass flux and
subcooling levels, one of the main goals of testing is to determine this relationship between CHF and
FE under ANS conditions. There may exist a locus of subcooling, pressure, and velocity values that
denote where the FE limit and the primary DNB limit converge for the ANS. Care must be taken to
resolve this issue in the safety related T/H experiments.

Several assumptions are made while establishing thermal limits in research reactors like ANSR.
It is assumed here that the involute shape of the span of the cooling channel can be replaced with a
simple rectangular channel cross section. This assumption is reasonable since the minimum radius of
curvature of the involute profile is over thirty times the channel gap. Some offset of flux profiles
occurs in the involute channel that is lost in the rectangular model. However, this is not an important
effect for the ANS as shown in analysis contributed by Doderlein.’

The orientation of the flow (i.e., upflow or downflow) can normally be expected to influence the
pressure drop in the channel once vapor is generated in the heated channel. However, in subcooled
boiling water flowing at low pressure (i.e., subcooling >5°C and pressure <2.5 MPa), the buoyancy
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terms are not 1mportant relative to the momentum flux terms until the flow velocity is <3 m/s. Thus,
the flow orientation is not important to high mass flux situations as in the ANSR nominal conditions.

The flux profile is also expected to influence the pressure drop characteristic of the channel. A
significant assumption is made when conventional models for thermal limits are applied to a cooling
channel with both spanwise and axially varying flux profile. The majority of data used to generate the
models for thermal limits were generated in uniformly heated tubes, some in uniformly heated
rectangular channels, and very few in nonuniformly heated channels. Costa® consolidated results of
several experiments where nonuniform flux profiles were tested and found that the onset of FE was
predicted well if 0.94 times the peak flux in the channel was used to compare with the model
developed to predict the onset of FE in a uniformly heated channel. Some flux profiles that were
tested are shown in Fig. 6.2. Waters® found the exit bulk temperature profiles in his experiments
followed the spanwise flux profiles of the channel.

The explanation for these results and conclusions can be explained with the aid of Fig. 6.3,
which represents hot stripe conditions in a rectangular channel. Local vapor generation along the hot
stripe causes significant increase in the local resistance to flow because of increased momentum flux
and increased viscous pressure losses. This increased resistance motivates the bulk fluid stream lines
to bypass the region where vapor is being generated. This situation is somewhat analogous to FE in a
heated subchannel. The major portion of the large channel is functioning as a bypass, maintaining
constant pressure drop boundary conditions on the subchannel. It should be noted that the short
subchannel does not have the long stabilizing single-phase flow length available that existed in the
uniformly heated channel case. Thus, a local FE upstream of the hot stripe could be envisioned to
occur before that observed in a uniformly heated channel. Note that this analogy is not strictly correct
since it is actually the local pressure gradient that is imposed along the hot stripe by the cooler
bypass flow in the channel. Gunther' conducted thermal limit experiments on a uniformly heated
strip 3.2-mm wide in an otherwise wider adiabatic channel. The situation he tested was analogous to
the hot stripe since boiling on the heated strip had a limited influence on the total channel pressure
drop (i.e., the heated perimeter over the adiabatic perimeter was 0.18). Interestingly, the model
developed by Gunther has the same functional form as that proposed by Costa. However, Gunther’s
measured burnout values are, on average, 3% lower than those predicted by Costa in uniformly
heated channels. The bulk fluid exit temperature is used in this comparison since it is not possible to
define a hot streak temperature for the geometry in this experiment.

A series of tests were conducted at the Savannah River Laboratory (SRL) in the 1960s'"*

- examining burnout fluxes in channels with hot stripes. The channel cross section was 50 X 3 mm
with a heated length of 0.6 m. Results of these experiments indicate that the burnout heat flux along
the hot stripe is underpredicted by as much as 30% for stripes with widths < 10 mm and is equal to
or slightly over that predicted for stripes with widths > 10 mm, when using the hot stripe heat flux
and corresponding hot stripe bulk fluid temperature in a correlation developed from uniformly heated
channel data. The underprediction vanishes as the stripe width approaches or exceeds ~ 10 mm.

Figure 6.4(a) shows the pressure gradient in a channel with a hot stripe similar to that pictured
in Fig. 6.3. The pressure gradient in a uniformly heated channel at the hot stripe heat flux value is
also shown. The channel with the hot stripe has single-phase pressure drop behavior up to the point
where net vapor is produced along the hot stripe. The channel pressure gradient decreases somewhat
(i.e., becomes a larger negative value) at this point. The magnitude of this decrease depends on the
amount of the channel perimeter devoted to the hot stripe The case where the channel is uniformly
heated at the hot stripe value shows a slight decrease in pressure gradient at the incipience of boiling
followed by a large decrease at ONVG.®** The channel with the hot stripe approaches the behavior
of the uniformly heated channel as the amount of perimeter devoted to the hot stnpe is increased to
100%.
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The mass flux along the hot stripe is shown schematically in Fig. 6.4(b) where the total channel
mass flux is held constant. The local increase in the flow resistance along the hot stripe results in a
local decrease in the mass flux as was shown in Fig. 6.3. A constant pressure gradient is imposed
along the hot stripe and the fluid stream lines in the hot stripe diverge into the adjacent cooler parts of
the channel. The decrease in mass flux along the hot stripe can be expected to be a function of the
width and the length of the hot stripe and the ratio of the hot stripe flux to the flux in the remainder of
the channel.

Most experiments studying subcooled boiling pressure drop characteristics and the associated
excursive flow instability use direct electrical heating of the test section. This technique results in
channels with unheated entrance and exit lengths. The vapor generated in the heated length may
condense in the unheated exit length. A major portion of the pressure drop caused by vapor generation
in the channel results from the change in momentum flux. Thus, significant pressure recovery will
occur in the unheated exit length of the channel as reported by Costa® and shown in Fig. 6.5. This
pressure recovery can significantly increase the heat flux at the onset of FE in uniformly heated
channel tests. Note that the reactor fuel assembly cooling channels have unheated entrance and exit
lengths. However, the reactor cooling channels also have both spanwise and axial flux profiles. Thus,
the local FE, as shown in Fig. 6.3, is the limiting T/H phenomenon. Condensation downstream of a
hot stripe will allow the flow to recover downstream of the hot stripe. (However, the pressure recovery
is not significant relative to the total channel pressure drop, and the upstream divergence of stream
lines and resulting velocity defect will remain, as illustrated in Fig. 6.3.) Thus, experiments in
uniformly heated channels with unheated exit lengths at bus bar attachments may not give conservative
results when applied to hot stripes. ,

The discussion offered above deals primarily with data gathered in the early 1960s in France to
support the design of the High Flux Reactor at Grenoble. These data were taken with a clear
understanding that the onset of FE would lead rapidly to channel bumnout in high mass flux subcooled
boiling flows. Therefore, the parameters likely to influence the pressure drop characteristic of the
channel were studied carefully in a variety of experimental facilities. No similar comprehensive study
of the pressure drop characteristics of narrow channels typical of those used to cool research reactor
fuel assemblies exists. The following general conclusions can be derived from this body of
information.

1. Unheated exit lengths on channels with uniform heat flux can result in data predicting the onset of
FE that is not conservative when applied to hot stripes.

2. Experiments with nonuniform spanwise and axial flux profiles indicate that onset of FE was
predicted well if 0.94 times the peak flux in the channel was used in the model developed to
predict the onset of FE in a uniformly heated channel. However, it was cautioned that this result is
only applicable to the specific flux profiles tested.

Item 2, along with the variation in the hot stripe burnout flux with stripe width measured at SRL,
may be caused by combined spanwise bulk fluid mixing, which would lower the fluid temperature
along the hot stripe, and conduction in the heater material, which would drive the local flux peak
down from the reported ideal value. Further, vapor generation along the hot stripe will have increasing
influence on the total channel pressure drop as the hot stripe width is increased.
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This discussion is intended to draw attention to variations between predicted and actual thermal
limits likely to result strictly from applying models developed from data taken in uniformly heated
channels to heated channels typical of the actual reactor fuel assembly. These variations exist without
consideration of manufacturing tolerances, which are normally modest. However, these variations
‘may be more important for the flow situations expected in the ANSR fuel assembly.

Another critical question for the ANSR design is the application of either FE or true CHF to
local fuel plate conditions, such as hot spots and hot streaks, that may occur on the fuel plate over a
small, limited area as a result of manufacturing imperfections that cause local heat flux peaking. In
addition, the effect of the axial and radial power profiles on these thermal limits must be addressed.
As discussed earlier, because experimental evidence indicates little mixing across the span,”™* FE in
the hot streaks can be treated as a narrow, independent subchannel in relation to the rest of the flow
in the rectangular channel. Therefore, the heat flux and subcooling in each one of these subchannels
can be applied independently, just as in the parallel channel configuration.

Figure 6.6 shows a hot spot, or small region of elevated heat flux, on the surface of a fuel plate.
The hot spot could be considered a very short hot stripe. However, evidence indicates that sufficiently
small hot spots can withstand higher heat flux values before burnout than uniformly heated channels
or hot stripes.' There are several reasons why this occurs. First, the hot spot is not sufficiently long
to cause a significant change in the local mass flux as a result of additional flow resistance.
Therefore, the scenario of a local FE leading to decreased mass flux and DNB does not apply here.
Rather, the local mass flux remains at the nominal value and a primary DNB must occur. In this case,
the thermal limit is dictated by a CHF phenomenon rather than FE. Several researchers have
investigated this kind of flow situation experimentally using water and other fluids. However, the
pressures, subcooling levels, and mass flux values in these experiments are all low compared to those
in the ANSR during normal operating conditions (see Sect. 3).

The present ANSR T/H design technique applies appropriate uncertainties to each location on
the fuel plate and checks the resulting heat flux against various limiting criteria, including FE and
CHF. Since it is recognized that very localized boiling will not sufficiently impact the channel
pressure drop to cause FE, FE is not used as a limiting criteria when the region of the fuel plate
causing the limiting conditions is below a predetermined size (see Sect. 4).

6.1.2 Low Mass Flux Conditions (G < 2000 kg m™- %

Low pressure, low mass flux, and CHF will occur at low heat flux values. The likely
mechanism for the thermal limit will be a local DNB as predicted using a model developed by
Griffith, Schumann, and Neustal* for low mass flux situations. This model predicts DNB when the
local heat flux exceeds the local liquid volume fraction taken times the pool boiling heat flux as given
by Zuber.'™ These localized DNBs will be accompanied by flow oscillations. Therefore, periodic
DNBs followed by rewetting are very likely to precede the prolonged DNB that would lead to
overheating of the fuel. These phenomena were examined in experiments by Mishima and Ishii'**
(upflow), Mishima and Nishihara** (upflow and downflow), and Mishima, Nishihara, and
Michiyoshi'” (upflow and downflow).

The fuel assembly is clad in aluminum and some oxide will form on the cooling surfaces. The
oxide has low thermal conductivity and low heat capacity. The rewetting of the surface is very
sensitive to the surface conditions. Low conductivity, Jow heat capacity films are often added to the
surface of high conductivity, high heat capacity materials to promote rewetting in quenching
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operations.’*® Therefore, it will be important to simulate the effect of the oxide film on the rewetting
process. The thermal diffusivity and the heat capacity of the heated wall must also be prototypic in
order to obtain the proper wall temperature response in the experiment,

The period and amplitude of the boiling instabilities associated with the low mass flux CHF must
be properly simulated in the experiment if the wall temperature response is to be prototypic of the
reactor. This implies that the length of the channel should be prototypic since many boiling
instabilities have characteristic periods associated with the transport time of a fluid element through the
heated section. The heat flux and power-to-volume ratio in the heated section should also be identical
to the reactor if the boiling instabilities are 10 be prototypic of those expected in the reactor.

Significant pressure variations are experienced as a result of the rapid generation of vapor volume
in these low flow situations. Experiments to establish thermal limits during natural circulation in a
research reactor developed by Interatom revealed that the fuel assembly would incur structural damage
as a result of the hydrodynamic loads before the actual CHF.'” The pressure drop across any single
channel in the fuel assembly is imposed by the behavior of the hundreds of other channels positioned
in parallel. Clause, Lahey, and Podowski'® have addressed this situation for two-phase boiling systems
and indicate that a constant pressure drop boundary condition is appropriate. In this respect, there is no
difference between the low and high mass flux cases.

Mishima, Nishihara, and Michiyoshi'*’ measured a dramatic variation in CHF when the pressure
drop characteristics imposed on the heated channel were altered. Unfortunately, no low mass flux data
are available where constant pressure drop boundary conditions were held on the heated channel. The
flow conditions preceding CHF in low mass flux, low pressure systems are very rich in
phenomenology involving strong nonlinearities. Therefore, these flows are difficult to model
computationally. Prototypic data is needed to establish thermal limits in these situations. The resulting
CHF model should be keyed to the imposed channel pressure drop. Local conditions models will be
unreliable because of the uncertainty associated with modeling the spatially and temporally varying
local conditions in the channel. Time average pressure drop and mass flux information can be coupled
with the CHF model to allow a lumped parameter simulation of the fuel assembly performance in
these situations.

The heat flux levels are low (i.e., decay heat lcvels) in these situations. Hot spots are less
important because of conduction in the aluminum cladding. Spanwise and axial flux profiles are less
1mportant since two-phase turbulence associated with the posmve quality flow will promote spanwise
mixing.

6.2 OVERVIEW OF EXPERIMENTAL PLAN

Experiments are planned to allow development and validation of models used in the T/H
analysis. This plan incorporates experimentation {0 examine phenomena that are critical to
characterizing the T/H behavior of ANS and to evaluate more integral type phenomena, which must
ultimately be determined using codes and models. Both fuel element performance and the thermal
performance of components external to the core region are targeted by this program. The plan attempts
to isolate the important phenomena and to provide specific experimentation in order to correctly define
the phenomena as well as, under some circumstances, collect data to support statistical analysis of the
reactor performance. These experiments will result in a more complete understanding of the physical
phenomena that influence the thermal limits in the fuel assembly and other components. Quantification
of the uncertainties associated with code calculations may also be evaluated from the data.

A general description of the test facilities follows, including a list of the associated experiments
planned to be performed in each facility. Appendix B provides an overview and summary of all the
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experiments and the facilities that are currently being considered and planned, some of which are
already operating. In the following sections, each facility and experimental group is discussed
individually. Since the status of each experiment is different at this point in the project, some are
discussed in greater detail than others. The following text will define and describe the objectives of the
experiments themselves and will discuss the facilities in which these experiments are to be
implemented.

6.2.1 Corrosion Test Loop
Status: Operating.

Objective: The corrosion test loop (CTL) was designed to provide relevant data on oxide film growth
rates and oxide spallation on the aluminum fuel clad at ANS conditions.

Facility Description: Key parameters that affect oxide growth rates have been identified and are
being used to develop predictive capability for design models. These models include both temporal and
spatial variation of oxide film layers and subsequent effects on fuel temperature and integrity.

The test facility is a forced-flow water loop fabricated entirely of 304-L stainless steel
components, capable of pressurized operation to 7 MPa and coolant water flows to 2 L/s. The
specimen consists of an aluminum alloy tube forming a rectangular flow channel that is equivalent in
gap width to that of the ANS coolant channels. A drawing of the main section of the specimen is
presented in Fig. 6.7. The specimen is surrounded by insulation and pressure backing (not shown in
the figure), welded to large electrodes, and attached to the main section of the loop so that coolant
velocities in the specimen channel up to 35 m/s (Re > 1 x 10°) can be achieved. A simplified
schematic drawing of the test loop system is shown in Fig. 6.8. The heat flux (up to 20 MW/m?) is
produced by self-resistance heating of the specimen, where the irregular cross section concentrates the
heat flux to the desired central region. Approximately 80% of the heat is generated in the thick central
region of the specimen. The power is furnished by a 30-kA dc power supply, and the heat is removed
by a water-cooled heat exchanger downstream of the specimen, System pressure is maintained in the
high-pressure circulation loop (up to 4 MPa at the specimen inlet) by allowing a small, continuous
water flow through a modulated letdown valve to a low-pressure secondary loop, where
instrumentation and equipment for maintaining suitable water chemistry are located. Makeup water
flow is provided by a high-head, positive displacement pressurization pump. The coolant circulation
system in the loop is similar to that employed in many research reactors.

Test Channel Design: The outer surface of the main section of the specimen (see Fig. 6.7) is
instrumented along its central axis with ungrounded, stainless steel sheathed (0.5 mm), type-N
thermocouples. Seven thermocouples are arranged axially 25.4 mm apart on one side; three are located
on the other side to provide additional measurements and comparisons. Because the coolant
temperature increases as the specimen is traversed axially, the severity of the oxidation reaction also
increascs from the entrance to the exit of the specimen.

For a given level of electrical power supplied to the specimen and a given coolant flow rate, a
temperature profile along the specimen is established. If the loop’s T/H parameters are then held
constant, changes in the measured temperatures along the outer part of the specimen can be related
quantitatively to the buildup of oxidation products at the specimen-coolant interface. At the high heat
fluxes involved in this work, temperature increases from this source in excess of 100°C are not
uncommon.
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Fabrication of a test section specimen requires precision electron-beam welding of two carefully
prepared specimen halves to form the shape shown in Fig. 6.7, followed by conventional gas-tungsten-
arc welding of the completed specimen to the massive electrodes. Documented procedures for
accomplishing the welding, instrumentation, and other assembly steps have been developed and
improved throughout the program.

The loop operates under computer control of the electrical and coolant flow parameters, including
various safety features. The associated data acquisition system records all temperatures, pressures, flow
rates, power levels, and water properties at designated time intervals. Although, in principle, the test
loop and its support equipment are uncomplicated, integrated operation at the required performance
level has entailed continuous attention to the various components. In particular, a significant amount of
time and effort has been expended on the measurement and control of the pH and conductivity of the
coolant water in the loop.

The ANS corrosion test loop facility provides the means to expose an aluminum surface to
rapidly flowing coolant under heat transfer conditions. During a test, the electrical power generated in
the specimen and the coolant conditions are generally held constant so that changes in temperatures of
the specimen at its outer, insulated side are mostly from increases in the thermal resistance in the heat
path resulting from the growth of the corrosion product at the metal-coolant interface. While these
changes, per se, are important observations in that they imply similar increases in the fuel temperature
in the ANS core, they are also useful in obtaining the oxide thickness and growth kinetics through
established heat transfer and T/H calculations. Certain results and implications of these calculations can
be checked by observations and measurements on the reacted specimen surface at the completion of
the experiment, but the important results are basically all calculated quantities. |

6.22 Thermal-Hydraulic Test Loop
Status: Operating.

Objective: The Thermal-Hydraulic Test Loop (THTL) was constructed to acquire both critical heat
flux and flow instability data over a range of ANSR operating conditions. The facility is also designed
to examine other T/H phenomena as well as some off-normal and transient conditions.

Facility Description: The THTL was designed and built to provide known T/H conditions to a
simulated full-length coolant subchannel of the ANSR core, allowing experimental determination of
the thermal limits (both FE and CHF) under anticipated ANS T/H conditions. A more detailed
discussion of FE and CHF is given in Sect. 6.1. An isometric view of the facility is shown in Fig. 6.9
and a schematic diagram of the loop and its major components and instrumentation is presented in
Fig. 6.10. A detailed description of the test facility is given by Felde et al.¥’

The THTL was designed to accommodate both CHF and FE experiments, responding to three
separate modes of operation as enumerated below.

1. A “soft” system was used to perform actual FE tests with burnout. In this mode, a large
bypass around the test section was fully open so that the flow could split between the test section and
the bypass to maintain an almost constant common pressure drop across both, thus closely simulating
the ANSR configuration.
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Fig. 6.7. Central section of corrosion test specimen. (Note: All dimensions are in millimeters.)
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2. A “stiff” system was used to perform true CHF tests with actual burnout at constant and
known flow rates. In this mode, the bypass around the test section was completely closed to maintain
a constant flow through the test section. In addition, a near positive-displacement pump that provides
a nearly constant flow rate was used in the primary loop. This pump is insensitive to the system
pressure-drop characteristics. Small diameter piping (to reduce volume) and a throttling valve were
also used upstream of the test section inlet to enhance flow stability.

3. A modified “stiff” system was used to perform simulated FE tests without experiencing
actual FE. In this mode, a closed or minimal bypass configuration along with a significant pressure
drop across the flow control valve upstream of the test section was used to prevent actual FE or other
flow instability. In this case, the potential for FE was determined by detecting the minimum pressure
drop in a plot of pressure drop vs flow rate (which coincides with the ONVG point) as demonstrated
by Maulbetsch and Griffith,'* Whittle and Forgan,* Costa,” Johnston,'®' Dougherty,'® and others.
Most of the FE tests were performed using this approach..

Since the ANSR has many channels in parallel, an ideal bypass simulation in the THTL would
require a very large bypass flow ratio (“infinite bypass™) and, therefore, an unrealistically large
pump. In practice, however, a reasonable, but not ideal, flow ratio can provide a very close
simulation with no significant error. The lowest bypass flow ratio necessary (which still provides
sufficiently constant pressure-drop boundary conditions) was investigated in two independent
studies—one transient and one steady-state. Both studies are based on models simulating the THTL as
a pressure-drop vs flow network to determine the sensitivity of the bypass pressure drop to changes in
test section flow for a variety of bypass-to-test-section flow ratios. The first model showed that bypass
ratios =4 begin to approach the response of an infinite bypass, with absolute flow rates within 3% of
the infinite bypass steady-state flow rates.” The second model showed in a preliminary way that the
slope of the bypass pressure drop with the test section flow rate {supply side d(AP,,)/dV in Eq. (6.1)]
exceeds the slope of the test section pressure drop vs flow rate curve [demand side d(AP,)/dV in
Eq. (6.1)] for a bypass ratio of =3, satisfying the condition for instability Eq. (6.1). This supply-side
slope becomes extremely small (practically horizontal) for bypass ratios above ~6, closely simulating
the ANSR parallel channel configuration. (See Fig. 6.1 for the supply and demand pressure-drop
relationships.)

In order to accommodate the three desired modes of operation, a Moyno primary circulation
pump is driven by a variable speed motor through a gear drive. This pump and motor combination is
capable of providing a wide range of flow and pressure conditions with near-positive displacement
characteristics, which means flow supply is insensitive to the loop pressure drop. Using the variable
speed of the motor drive provides capability for operating over most of the flow-pressure diagram up
to 2.5 L/s flow and 4.1 MPa differential pressure across the pump at 750 rpm. When this pump is
used in combination with the test section bypass line, a very wide range of mass flow conditions at
the test section is possible. In the stiff mode with a closed bypass, a near-constant test section mass
flux in the range of 7,000-42,000 kg/m’s can be used. (The maximum mass flux is limited by the
overall pressure rating for the test loop.) In the soft mode, with a bypass flow ratio of 10to 1, a
maximum mass flux of 12,000 kg/m’ at a near-constant bypass pressure drop can be used. Ata 5 to
1 bypass flow ratio, this maximum increases to 23,000 kg/m’. The approximation of the ideal bypass
ratio (infinite) with a practical bypass ratio is in the nonconservative direction for FE, but, as
discussed earlier, it is believed that the approximation is sufficient from a practical point of view.
Additional parametric studies will be performed to quantify the bypass ratio, and, if necessary, an
additional pump will be installed parallel to the existing one to achieve even higher test section flows
and bypass ratios. ~

Test Channel Design: The test section and its boundary conditions were of primary interest in
determining the T/H limits. The cross-section design was similar to that used by Gambill and
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Bundy'® but is modified in accordance with the ANS characteristics as shown in Fig. 6.11. The test
section simulated a single subchannel in the ANSR core with a cross section that had a full prototypic
length (507 mm), the same flow-channel gap (1.27 mm), and the same material (aluminum), with a
surface roughness (~0.5 um) reasonably close to that expected in the ANSR fuel plates. The channel
span was scaled down to 12.7 mm (vs 87 and 70 mm for the upper and lower core halves in the
ANSR) in order to limit total power requirements to the test section. The involute shape of the plates
was not simulated in order to simplify the experimental design and operation. Other researchers have
demonstrated that there is little lateral fluid mixing in such rectangular channels even under two-phase
flow conditions.®* Furthermore, sources also maintain that span width (or span-to-gap ratio) does
not have a significant effect on either CHF or FE.*¢18 The test section wall thickness was 2.54
mm, dictated by the voltage/current relationship of the power supplies. The reduced wall thickness at
the curved ends was designed to reduce the heat flux and prevent the coolant bulk temperature from
peaking on the curved ends of the channel, which could have led to premature burnout. The ratio of
heat flux on the curved ends to that on the flat ends was 36% for the design shown in Fig. 6.11.
Possible effects of lateral and axial heat redistribution by thermal conduction within the test section
metal will be considered later through the use of a 3-D conduction model.

The test channel instrumentation was placed on the back of the channel wall with type N
thermocouples. The locations of these thermocouples on the test section are shown in Fig. 6.12. The
spacing was staggered, as shown, to provide improved definition in the region close to the channel’s
exit, where FE or CHF was expected. Measurements are made on both sides of the channel for the
axial locations shown for redundancy. Pressure and temperature of the water were measured at the
test section inlet and outlet with the pressure taps installed in the test section flanges as shown in
Fig. 6.11. The taps were located axially 12.7 mm from the “heated” channel at each end, which
allowed a closer determination of the pressure drop across the heated region without the effects of
possible condensation and dynamic pressure recovery that can occur between the end of the heated
channel and the point of pressure measurement.” :

The test channel is enclosed inside a stainless steel pressure backing and is thermally and
electrically isolated from the backing by Mycalex insulation. The test channel was either welded or
brazed on both ends into aluminum flanges, each 25.4-mm thick. The test section flanges are
sandwiched between two 25.4-mm thick aluminum electrical bus plates. The water connection to the
test section was made concentrically inside this bus connection by a 50.8-mm flange and teflon gasket
that were fastened through the test section flange. The teflon gasket and micarta bolt sleeves provide
electrical isolation for the piping loop. The stainless steel backing, which was in direct contact with
the test section flanges at both ends, was split in the center and isolated at this point by Mycalex
insulation. This design effectively separated the electrical contact requirements from the water sealing
requirements of the loop interface.

6.2.2.1 Destructive and Nondestructive Flow Excursion and Critical Heat Flux Tests

Status: Ongoing.

Objective: Use THTL to determine FE and CHF limits within the ANSR fuel assembly.

Testing and Data Reduction: Before installation of the test channel assembly into the loop, the
channel surface undergoes a surface treatment procedure similar to that used for fuel elements in the
HFIR at ORNL and expected to be used for the ANSR fuel elements. This procedure involves

cleaning and degreasing, followed by an acid treatment and hot water rinse. In addition, the as-
fabricated flow-channel gap is measured at locations along the axial length using a capacitance-type
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probe inserted into the channel. These data are used to improve conversion of volumetric flow
measurements (made upstream from the test section) to local velocities in the channel.

FE tests (without burnout) are conducted in a stiff mode as described earlier. These tests are
initiated by controlling test section flow to a level where no boiling exists at the target heat flux level.
The applied power to the test section is then raised to produce the target heat flux level. Exit pressure
is automatically controlled at the desired setting (nominally 1.7 MPa) via the system letdown valve
and high pressure makeup pump. Process water flow to the secondary side of the heat exchanger is
also automatically controlled to maintain the inlet bulk coolant temperature at the desired set point
(nominally 45°C).

Data are recorded continuously during these processes by the personal-computer-(PC-) based
data acquisition system. Once the system is stabilized and data are obtained under steady-state
conditions, the velocity is reduced to a lower level while monitoring the measured differential
pressure across the test channel. This reduction is made through either pump speed reduction, flow
control valve positioning, bypass flow adjustment, or some combination of the above, depending on
the proximity of the conditions to the expected minimum. As the minimum is approached, the loop
configuration is adjusted to minimize the amount of bypass flow and to maximize the pressure drop
across the control valve in order to prevent an actual FE and channel failure. The system is allowed
to stabilize at each of the selected velocity settings. Power supply and velocity adjustments are made
concurrently in order to maintain the average heat flux constant. (This concurrent adjustment is
necessary because the temperature coefficient of resistivity of the aluminum affects the current-voltage
characteristics of the test channel as velocity is reduced and test channel wall temperatures increase.)
Once the minimum in pressure drop has been determined (by observation of increasing pressure drop
as velocity is further decreased), the velocity is increased once again, and data are taken at some of
the velocity points obtained during the earlier sequence for comparison.

An experimental data reduction model was developed for single-phase forced-convection flow,
focusing on the flat portion of the test channel. Fundamental variables required to identify heat
transfer characteristics in single-phase forced-convection heat transfer were local heat flux (Q",),
local inside surface temperature (7,,,,) of test section, local bulk coolant temperature (7,), and coolant
velocity (V) in the flat channel. Local heat flux on the flats (Q",,) was calculated based on
temperature-dependent resistivity of the aluminum test section and the average heat flux on the flats
(Q",). The latter was determined based on the total heat input (Q,,) into the test channel flats, as
follows:

Qs = Qe * (1-%"—” cthy /(L - A, , 62)

fot

where

Q... = heat loss (kW),

th,, = aluminum thickness (m),

L = heated length (m),

A, = aluminum cross-sectional area (m?).

Total heat input (Q,,) is given by the product of the current (/) and the voltage (E) applied to the -
test section. Heat loss (Q,,,) is calculated by comparing the heat input (Q,,) with the heat rate (Q,,.)
transferred to the coolant, as follows:
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where

p = coolant density (kg/m’),

V = coolant velocity (m/s),

E = voltage (V),

I = current (A),

A, = cross sectional flow area (m?),

C, = mean coolant specific heat (kI’kg - K),

(4
T, = bulk coolant temperature (K).

The heat loss range of the tests was calculated to be between 5-12% of Q,, with the higher
values being for the lower velocities. Coolant flow velocity (V) in the flat channel was converted from
-average coolant velocity (V,,) so that the pressure drop of the flat channel is equal to that of the
curved end channels. ~ ;

As already described, the temperature of the test section required to identify the heat-transfer
characteristics is the surface temperature (7}, ;) on the flow channel side, but the thermocouples are
attached on the surface on the ceramic insulator side (7,, ). Therefore, T, , is determined based on
the local heat flux (Q",) in the flats, as follows: ‘ ‘

: /7 h 1 ) v
Tw.in = Tw,:x - Q;;: - Ql‘]:thd! ’ (6'4)
‘ Al ax

where

o3

= aluminum conductivity (W/m/°C),

we = temperature on ceramic insulator (K),
th,, = aluminum thickness (m), ‘
th, = oxide thickness (m),

k,, = aluminum thermal conductivity (W/m/°C)
k, = oxide thermal conductivity (W/m/°C).

h!

The experimental data reduction model also includes a single-phase pressure-drop calculation
model. As described earlier, the test section inlet and outlet pressures were measured at the taps
installed in the test section flanges, which are located axially 12.7 mm from the heated channel at
each end. The pressure drop of the heated channel (AP,) was converted from a measured pressure
drop by excluding the pressure drops across the nonheated sections. The pressure drop across the
nonheated section between the end of the test channel and the pressure tap is calculated with the
Darcy friction factor using the Filonenko correlation.™



6-26

The THTL experimentation for the ANSR T/H correlations is still in its initial stages. The current
THTL and test section design are the result of a number of initial shakedown and benchmark tests,
which led to successive modifications both in the loop and the test section design. A discussion of
early test results from these experiments and future plans are presented by Siman-Tov et al.'*

6.2.2.2 Two-Sided Heated Core Parametric Tests
Status: Planned.

Objective: This series of tests will use the existing THTL facility and will extend the tests on two-
sided heated channels to include measurement of the effects of axial flux profiles, parametric studies
on span effects, measurement of axial pressure distribution in the channel, and measurement of thermal
limits under off-normal conditions.

Background: This effort may require modification to the facility, including additional pumping
capability and power supplies to match characteristics of possible alternate test channel materials and
test section span.

The specific tests to be performed in this facxllty include:

+ destructive and nondestructive FE tests and CHF tests for ANSR prototypic local conditions;

+ effects of material, surface oxide, and surface characteristics on FE, CHF, friction factor (FF), and
heat transfer coefficient (HTC);

» effects of heavy water, water chemistry, and dissolved gas on FE, CHF, FF, and HTC;

» isothermal single-phase FF and pressure-drop tests;

+ heated single-phase FF and pressure-drop tests (effects of temperature and viscosity);

« IB tests;

» span scaling validation tests—medium-span two-phase pressure drop and void fraction tests,
medium-span two-phase nucleate boiling HTC tests, medium-span FE tests with axial heat flux
distribution, and medium-span FE tests with lateral heat flux distribution; and

« THTL transient conditions tests.

6.223 Low Mass Flux Departure from Nucleate Boiling Tests
Status: Planned.
Objective: Use the THTL to evaluate low mass flux thermal limit behavior in the core.

Background: These tests are planned to examine low mass flux conditions where unsteady, positive
quality or near-positive quality flows may be encountered. Data are not available for conditions
prototypic of either ANSR or low mass flux CHF under these conditions. A full span and full length
heated channel is planned for use in a modified THTL. In order to control the inlet and exit pressure
to the channel to obtain the constant pressure drop boundary condition that would be imposed by the
reactor, it will most likely be necessary to add large gas pressurizers to the THTL facility. In addition
to measuring thermal limits, these tests will relate the time average mass flux through the fuel
assembly with the applied power and applied pressure drop. This information will make modeling of
boiling natural circulation in the reactor possible. It has been shown that RELAPS is capable of
following the phenomena associated with low pressure, low mass flux, and positive quality flows if
care is taken to select a reasonably fine nodalization of the heated channel and if correspondingly
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small time steps are used.'® Unfortunately, this method is a very cumbersome way to analyze these
situations, and a very large uncertainty is associated with the predicted results. This experiment will
provide a relationship between. the time averaged mass flux, the heat flux, and the pressure drop that
will allow the details of the flow in the fuel cooling channels to be bypassed during situations where
unsteady positive quality flows are expected. See Sect. 6.1.2 for a more detailed discussion.

6.2.2.4 Small Scale RELAP Simulation Tests
Status: Planned.

Objective: To provide small scale transient testing using an existing facility in order to benchmark
transient codes.

Background: Some small scale transient tests are also proposed to allow many portions of the
RELAPS code to be exercised simultaneously. These tests can be accomplished by modifying the
original loop used to establish thermal limits in the fuel assembly. A control system will be added to
allow rapid variations in the applied power to simulate reactor shutdown. A pump will be used or
programmed to provide head characteristics similar to those expected in the reactor main cooling
pumps. A break simulator (i.e., rupture disks at two or three locations in the loop) and some additional
instrumentation will also be needed. A uniformly heated channel with a coolant bypass will simulate
the reactor fuel assembly. The basic T/H phenomena associated with a system piping break and reactor
shutdown will be present in this facmty A RELAPS model of this facility will be developed and used
to simulate the response of the system to the imposed transients. The RELAPS simulation results and
the measured transient response of the system can then be directly compared.

6.2.3 Prototypic Span Experiménts
Status: Planned.

Objective: This facility will further expand the capability for thermal limit testing in full span
channels. Present plans call for a facility that can accommodate a full span, full length test channel
with testing of CHF and FE thermal limits. It has not yet been determined whether the test sections
will be fabricated from aluminum or alternate materials in light of the recent results that show
significant spallation of the oxide layer under IB conditions for aluminum. If it is necessary to use
aluminum test channels, the low voltage, high current requirements will significantly affect facility
cost. In addition to the two-sided heated channel tests, a smgle—s:de full span heated test section is
planned to examine hot stripe and hot spot conditions.

Background: These tests could be performed in the facility just described or in a modified THTL if
full power aluminum channel testing is determined not to be required. The test channel would
“incorporate a transparent window on the nonheated side to provide observation and measurement of
the phenomenon associated with hot stripes and hot spots. The flow field can be observed and
measured from the unheated side of the channel. The facility would probably require a different power
supply to match voltage-current requirements of a nonaluminum material.

The proper use of subchannel analysis must be well defined and well defended since it is
fundamental to both the steady-state and accident thermal limit calculational procedures. The
discussion of thermal limits during high mass flux situations shows the need to study the dependence
of the thermal limit on flux profile and hot stripe parameters (see Sect. 6.1). A single channel heated
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on one side is used in some of these experiments, as shown in Fig. 6.13. Other possible test section
configurations were presented in Figs. 6.2, 6.3, and 6.5. Three sets of experiments are planned, one
with various flux profiles, one with various types of hot stripes, and a single uniformly heated case for
reference.

Both spanwise and axial flux profiles will be considered. The magnitude of the peak-to-average
flux will be representative of those expected in the ANSR fuel. Local pressure drop values and
spanwise exit bulk temperature profiles will be measured. The tests will be run under constant inlet
mass flux conditions (i.e., positive displacement pump, no bypass). Inconel will most likely be used
for the heater section to prevent heater damage when local FE conditions are encountered.

Different hot stripes will be tested to determine the influence of stripe width and of the ratio of
stripe flux over the channel average flux. It is expected that these heaters will also be made of Inconel.
Ratios of stripe flux over average channel flux equal to 1.3 and 1.6 will be investigated for each stripe
width. Spanwise exit bulk temperature profiles and local pressure gradients will be measured during
these tests.

The wall temperature will be monitored throughout these tests by thermocouples spring-loaded to
the back of the heated wall. Local FE within the heated channel will be detected by wall superheat
excursions, combined with flow visualization. The point of global FE in the channel will be identified
by monitoring the total channel pressure drop as a function of heat flux.

The thermal limit at the hot spot can be investigated using techniques similar to those developed
by Simon and Lee.'* Most experiments to date have concentrated on a single heated spot in an
otherwise adiabatic channel. However, experiments performed at SRL did involve a heated spot (i.e.,
actually a hot stripe located transverse to the flow) of elevated flux in a heated channel. Their
experiments confirmed that hot spots require higher flux values to attain a so-called bumout. However,
some of the measured bumouts occurred well downstream of the hot region. This would imply that a
mechanism is responsible for the bumout quite different from that modeled by those measuring
thermal limits at hot spots in otherwise adiabatic channels.

Several experimental methodologies are available to create localized hot spots or transverse hot
streaks within a nonadiabatic test section. These methodologies include variation of heating element
thickness in a resistance heated test section, separate, independently powered heaters, and heating of
the spot by laser irradiation, etc. In these techniques, evaluation of the importance of conduction
within the test section at the localized hot spot would be required in order to adequately characterize
the local thermal conditions that would be necessary. Temperature measurements could include
_ thermocouple arrays as noted above or the use of more advanced techniques such as phosphor
luminescence or thermochromic crystal thermometry.

The experimental determination of the thermal limit in a heated channel with a hot spot can be
evaluated by combination of the local heating and surface temperature measurement technique
developed by Simon and Lee with direct uniform heating of the flow channel. The channel heated
from one side would be used for this purpose.

It is not feasible to obtain 4 statistically meaningful body of data for nonuniformly heated
conditions. The flux profiles in the reactor vary both spatially and temporally, giving a very wide
range of possibilities to test. The intention of these experiments is to establish when the application of
subchannel analysis techniques is adequate and/or conservative.
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Fig. 6.13. Spanwise flux profile test section (one side heated).
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Testing envisioned for this facility includes full-span:

uniformly heated FE and CHF tests using aluminum test channels (if needed),
FE tests with lateral heat flux distribution,

FE tests with combined axial and lateral heat flux distribution,

FE tests with hot streaks, and

FE tests with hot spots.

6.2.4 Multichannel Thermal-Hydraulic Testing
Status: Planned.
Objective: To determine the effect of multiple heated channels on the FE phenomenon.

Background: This facility provides a further extension of testing conducted on single-channel full-
scale test elements. Because of power supply limitations for multichannels, it is expected that this
facility would use nonaluminum materials for the test assembly. This facility would be used to address
“hot channel” effects on adjacent channels. The pressure drop flow rate curve discussed in Sect. 6.1
and shown in Fig. 6.1 describes the demand curve of a single heated channel. If all channels except
the one of interest (described by this curve) do not experience the same parameter variation (i.e.,
decrease in flow, increase in power, etc.) as the channel of interest, then the supply curve dictated by
these channels is flat (zero slope) as discussed in Sect. 6.1.1. However, if all channels experience the
same parameter variation (as would be the case for a decrease in core flow, or an increase in core
power), then the supply curve (as dictated by the other channels) has much the same shape as the
channel of interest. The channel of interest (here assumed to be perturbed from the others by some
small amount, such as higher heat flux) now experiences a supply curve with almost the same pressure
drop/flow rate slope as itself. In order properly to characterize this behavior analytically, the code(s)
used must be able to predict accurately the correct two-phase channel pressure drop through the event
of interest in order to be able to predict the point where the perturbed channel experiences FE. The
tests discussed here are designed to verify the predictive capability of the codes and to establish
correct multiple heated channel FE behavior.

6.2.5 Flow Blockage Test Facility
Status: Under construction.

Objective: To determine the effect of a partial flow channel blockage on the heat-transfer
characteristics downstream of the blockage.

Background: Partial flow blockage of the fuel element by debris in the primary loop is an important
event that significantly impacts the likelihood of fuel damage. Experimentation to establish the type of
blockage necessary to initiate fuel damage is thercfore an important aspect of the overall T/H effort.
The results from this experiment will also provide a useful tool in validating or benchmarking a
computational fluid dynamics code. If such a code was successfully validated under typical ANS flow
conditions, it would be a useful analysis tool for a broad range of T/H parameters.

The test section will have a span and gap of 80 and 1.27 mm, respectively, and a total channel
length of ~50 cm, closely mimicking the flow channels within the ANS core region. Blockages
ranging from 5-50% of the channel’s span and located at both edge and central locations will be
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tested. Bulk average temperatures will be measured at the inlet and outlet of the test section, along
with fluid flow rates and upstream and downstream pressures.

The flow separation and rotational behavior behind a blockage would be changed by the
introduction of any kind of pressure sensing instrumentation. Therefore, indirect methods of measuring
the fluid velocity vectors and pressure fields will be used. The first method that will be used is shown
in Fig. 6.14. The heater strip covers ~30 mm of the channel’s length on one side. The temperature
pattern on the back side of the heater will be measured and used to interpret the velocity field within
the flow channel. Initially, heater power levels will be constrained to the minimum necessary to
produce measurable temperature differences. Later tests will increase the heater power to determine the
effect of the heat flux on the shape and size of the recirculation zone. A computer analysis of the
heater’s temperature-dependent resistivity, the surface heat transfer, and the resulting heat flux will be
used to provide necessary corrections to the data analysis.

Other methods of velocity field measurement are also under consideration. They include the use of
a laser Doppler anemometer and the introduction of phosphor particles into the circulating water.
These phosphor particles can be used with an array of optical equipment to record velocity vectors
within the fluid.

6.2.6 Natural Circulation Test Facility
Status: Planned.

Objective: Evaluate the natural circulation performance of the ANS design, including both loop and
core behavior,

Background: Natural circulation in plate-fueled research reactors is not well understood and deserves
a careful experimental evaluation since decay heat removal after loss of flow is associated with many
initiating events. ANS is designed to provide natural convection cooling after shutdown for these
initiating event scenarios. Multiloop designs with the possibility of different flow conditions in
different loops may cause asymmetries that can affect the stability and behavior of the total system.
Experimental validation and/or development of models and correlations that can predict the system
response under natural convection conditions are necessary to ensure the capability for cooling under
shutdown conditions. In addition, both in-loop and ex-loop core T/H behavior under natural circulation
conditions must be characterized. It is expected that two separate facilities will be used to accomplish
these tasks. The first will be a small scale facility designed to examine loop-to-loop interactions, while
the second will be a facility designed to look at core and system performance under natural circulation
conditions.

6.2.6.1 Loop-to-Loop Testing
Status: Planned.
Objective: To evaluate loop-to-loop interactions related to single-phase natural circulation cooling.

Background: This facility will examine issues related to natural circulation within the primary
system. The design will encompass phenomena such as loop-to-loop interactions under free convection
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Fig. 6.14. Method for testing core inlet flow blockage.
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conditions as well as accumulator-to-accumulator crosstalk. It is expected that this facility will not
have to be full scale but will still have to incorporate a heated region to simulate properly the natural
circulation conditions within the reactor primary coolant loops. Initial conditions within the flow loops
will be varied (e.g, one pump off with the others operating, two pumps off, etc.) in order to determine
the worst-case conditions for core and component cooling. Interactions between accumulators will be
studied by incorporating scaled accumulators in the facility.

6.2.6.2 Core Region Natural Circulation Testing—~Normal and Off-Normal
Status: Planned.

Objective: To evaluate core and overall scaled loop thermal limits under natural circulation
conditions.

Background: Natural circulation testing of the core and primary system will require a facility that
incorporates scaled elevations, power deposition, frictional resistance, etc. This facility is anticipated to
have a heated test section that represents a multiple fuel plate section of the core. The design of the
facility will allow both single-phase (within the loop) testing as well as two-phase testing to be
performed. The objective of the testing will be to evaluate both the core thermal limit behavior, as
well as the primary loop response under natural circulation conditions. The design of the heater
simulating the core becomes critical for these tests as a result of the increased importance of properly
simulating heat capacity and thermal response for two-phase conditions.

Boiling natural circulation flows are subject to several types of instabilities. The nature of the
boiling channel performance is strongly linked to the hydraulic properties of the surrounding flow
loop. Therefore, it is important to have an experimental arrangement that accurately simulates the
pressure-drop and mass-flux performance of the ANSR during natural circulation decay heat removal.
The most prototypic situation would include a bank of parallel heated channels in a natural circulation
loop, complete with a riser above the fuel element. Such a loop for a natural circulation experiment
will include a heated “fuel assembly simulator,” followed by an upper flow annulus, hot leg piping,
heat exchanger, cold leg piping, and pump discharging to the simulated “fuel assembly.”

Two-phase (in the piping) natural circulation may not occur as a result of any of the design basis
accidents. Thus, tests examining the two-phase natural circulation performance of the reactor may not
- need to be extensive since larger uncertainties and conservatisms are permissible in analysis of events
with very low probabilities. Realistic quantification of margins associated with the single-phase natural
circulation performance of the reactor will be difficult unless the two-phase natural circulation
performance and associated thermal limits are understood. However, a conservative limit may be
defined by holding the exit wall surface temperature less than saturation.

6.2.63 Thermal-Hydraulic Testing for Refueling
Status: Planned.

Objective: To determine core thermal limits applicable to the fuel element transport process during
refueling.

Background: This test series is also expected to use the natural convection test facility
instrumentation system, modified to address conditions expected during refueling. A separate pool and
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associated hardware may be required to provide simulation of fuel element transport conditions. These
experiments will address natural convection cooling capability during movement of the elements.

6.2.7 Hydraulic Tests of Nonfuel Components
Status: Planned.
Objective: Evaluate thermal performance of noncore components.

Background: This facility will provide data on local thermal and hydraulic characteristics of reflector
tank components under controlled conditions. The facility will comprise a flow loop, power supplies,
and associated instrumentation and controls necessary to provide the T/H conditions of the reflector
tank. Modular test assemblies for the different geometries.of various components will be installed in
the flow loop as necessary. Components that may require testing include the outer shutdown rod
assembly, the hydraulic lines to the outer shutdown rods, the tangential thermal beam tubes, the
thermal through beam tube, the slant thermal beam tube, the hydraulic rabbit tubes for light isotope
and transuranium production, the pneumatic rabbit tubes for analytical chemistry, the isotope
production vertical holes, the slant irradiation tubes, the cold source thimbles, and the hot source
thimbles. In addition, such items as cooling of the inner control rods, the CPBT, and the irradiation
capsules will be experimentally investigated as necessary.

6.2.8 Integral Transient Performance Tests
Status: Planned.
Objective: Provide on integral test platform to perform RELAP benchmarks.

Background: This facility will provide an extension of the small scale RELAP simulation tests
discussed in Sect. 6.2.2.4 and will be designed to provide benchmark data for RELAPS under ANS
type transients with loop components similar to the ANS. This scaled feasibility will focus on loop
behavior (as opposed to detailed core behavior) and will be used for integral testing to gather pressure
and flow response (and other) data. These data will be used to validate codes such as RELAPS to
ensure that it can properly predict transient system behavior. Several issues may need to be addressed
in this facility. If transient results indicate that air ingestion (from a closed-volume cell) during a pipe
break occurs or that flashing flows or pump cavitation is an issue, then two-phase pump performance
must be characterized. Pressure wave propagation around the loop after a pipe break will also be
examined to confirm the times predicted between break initiation and trip of the reactor as well as the
magnitude of the pressure waves as they traverse the piping and core. Interaction of accumulators with
the loop system during a rapid transient could also be examined.

6.2.9 Full-Scale/Fuli-Flow Hydraulic Test Facility
Status: Planned.
Objective: Evaluate core flow distribution and confirn component vibration behavior.

Background: The present ANS core region design includes ten separate orifices in order to distribute
the flow properly. Thermal limits within the core and nonfuel components are dictated by these flows.
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This facility will therefore examine issues associated with integrated operation of a complete core
assembly under ANS design flow conditions. Included will be measurement and evaluation of flow
distribution between fuel elements and other core components, measurement of pressure distributions
within the core region, and evaluation of component stability and vibration under full-flow conditions.
In addition, measurement of flow patterns established at the core inlet as a result of structural
components and evaluation of these effects on fuel channel flow distributions will be made.
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Appendix A. ADVANCED NEUTRON SOURCE L7 CORE DESIGN FUEL PLATES

The following figures present contour plots of the various thermal parameters used in the hot
spot studies. The L7 design values were provided by Trent Primm and Bill Nelson. The L7 coarse
mesh tables*” include meat thickness, uranium surface density, and fuel burnup reported at 300 points
on the lower and 324 points on the upper core fuel plate. The relative power density*” and oxide
layer thickness*? are reported on a finer mesh that is used by the VENTURE and steady-state T/H
codes. The power density is reported at cell centers on this finer mesh, while the oxide thickness is
reported at cell edges. There was a total of 1656 points in the power density mesh for both the upper
and lower core.

The meat thickness and original uranium surface density do not change with time. The fuel
bumup, power density, and oxide thickness are time dependent and are reported at selected time steps
by the VENTURE and ANS steady-state T/H codes.

Each point in the coarse mesh defines the center of a rectangular region or cell that has the same
meat thickness and original surface density. The local time-dependent burnup is also assumed to be
uniform over this cell. The power density and, therefore, oxide thickness can change within this cell
as a result of the neutronics and thermal considerations. The power density and oxide thickness were
interpolated on the coarse mesh by taking the maximum relative power density and the minimum local
oxide thickness within the cell. The oxide thickness was assumed to be located at the same points as
the power density. This procedure will produce conservative peaking factors but not necessarily
conservative maximum temperatures.

Figures A.1 and A.2 present the meat thickness and initial surface density variations for both the
upper and lower cores. Figure A.3 presents the EOC bumup distribution for both cores. Figures A.4
and A.S present the normal fuel conductivity and segregated fuel conductivity distributions calculated
from the bumnup and surface density and tables of conductivity as a function of fission density. -
Figures A.6 and A.7 present the relative power density, oxide thickness distributions interpolated on
the coarse mesh.
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Fig. A.1. L7 design meat thickness distribution.
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Fig. A2. L7 design original surface density distribution.
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Fig. A.3. L7 design burnup distribution.
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Fig. Ad4. L7 design normal fuel conductivity distribution.
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Fig. A.5. L7 design segregated fuel conductivity distribution.



Lower core
! 500
L Rel. power density Rel. power density
-100} F 0941813 F 171128
- E  0.903046 E  1.64226
- D  0.864279 D 157324
- C 0825512 400 C 150422
I B 0.786746 B 143519
-200}- A 0747979 A 136617
i 9 0.709212 9  1.29715
i 8 0.670445 8 1.22813
] 7 0.631678 300 7 1.15911
i 6  0.592911 6  1.09009
-3001- 5  0.554144 5 1.02107
| 4 0515378 4 0952045
I 3 0.476611 200 3 0.883024
I 2 0.437844 2 0.814002
1 0.399077 1 0744
-400}- %8
|
| 100
-500}

Fig. A.6. L7 design relative power density.
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Fig. A.7. L7 design oxide layer thickness distribution.
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Table B.1. Ovérview of experiments—planned and operating

A [] [+ D E F G ] 1 3
427
428} T
42 (a) THYL Facliitles and hs Modifl {Tank £.1.4 & 1.1.14)
43
431 WBS Taak # (Budget) 1.1.14.2.2 ($2035K) 1.1.14.2.2 {included} 1.1.14.2,2 {included) 1.1.14.2.2 (included) 1.1.14.2.2 {included) 1.1.14.2.2 {included) 1.1.14.2 2 {included) 1.1.14.2.2 (included)
Facility “WBS Name* THTL 2-S Channel Tests {THTL 2-8 Channel Tests THTL 2-8 Channst Tests THTL 2-S Channet THTL 2-S Channel Tasts THTL 2-S Channe! Tests  [THTL 2-S Channst THTL 2-8 Channe! Tests
Tosts Tosts
o -~THTUOrg, - - THTLAOTY. - -~ THTL/ONY. - ~THTL/Ong, -~ THTUOAg, - THTU/Orig {2} -
-~ THTL/Otg. - —THTL/Orig {2} —
Phen. & Purpose Non-Destr. Flow Destructive Flow  Destr, CHF Protot. ANSR |Mat, Oxide & Surf. D20, W.Chem. & 1-PFF&dP 1-P HTC & FF a8 f(Temp &
Exc.Tasts Exe. {Bummout) Tests (DNB burnout) Conds.Tests |Effs. on FE, CHF, GasEffs.onFE, (Isothermal) visc.) Tests [2]
Tests ‘ (CHF & FE) FF, HTC CHF, FF, HTC Yests [2]
Data prior.(1-5){sequence] - 11 1) 1(1) (1) 2{1) 2{Q1) 3 R
434
s ‘Sch'd. data |s needed
Exper. approx. schedule 1904/1965/1996 1994/1995/1096 1994/100%/1906 1994/19095/1008 1904/1095/1908 1694/1905/1906 1894/1995/1998 1984/1995/19968
436
{Budget stfoc fyear lSaOOKll 132K7104K (inct. above) (inct. above) {inct. sbove) {nct. above) . (inct. abave) (inc!. above} {inch above)
437,
Facitity type & unique {Basic THTL Faciity: See Col. C See Cot. C Change TS designto  {Tests var. mat,, oxide fim, & | Test var. Water chem., Dis. [Used as ref. for next test|Use of low to med. haat fux
{leatures: [Prototy. sxcept reduced get protot. ANSR locst {surf. roughn., ete, in tubes and |gas, & D2G In tubes and  |series Prop. resol. of T/Cs and inter. heat
span snd thicker Al walis CHF &-FE conds (short foonfim in rect. chan. fconfitm In rect. chan. redist. is necessary
isngth, externsi heating,
eic)
438
lr:x.powmu.(omudod). 492 kw (25 MW/m2) See Col. B See Col. B Ses Col. B
4
X. pump cap. avali. (or [2.35L/¢ @ 0. MPa See Cat. B8 See Cotl. B See Col. B
444 nesded), Lis @ 17 WP 1,950/ @ 4.1MPa,
[Min. pumg cap. (avall, {or 0.118L/s ©0. MPa See Col. B Ses Col. B Ses Col. B
441 nesded), L/s @ 77 MPs 0.097L/s @ 4.tMPa
{Major loop modiis needed See Table ?
442 {comp. to present) -
TS# TDS-3 TD8-3 TDS-3 TDS-3 TDS-3 TDS-3 TD5-3 TDS-3
diff. TS for trans.} {ditt. TS for trans.) (diff. TS fortrans.) _ |(dfff. TS for trana.} {{dH. TS for trans.) diff. TS for trans.) difl. TS for trang ) {ait. TS tors trans )
TS geom., &k alze R: 507x12.7x1.27 R: 507x12,7x1.27 R: 507x12.7x1.27 R: 50777712.7x1.27 [T: 25486010 T:2.5446.01D R: 507x12.7x1.27 R: 507x12.7x1.27
444 :
TS materiat Ziconkym-Copper of Ziconium-Capper or Bronze  {Zicontum-Coppes o Ziconkum-Copper o |Al-6061 AL6081 Ziconium-Copper or Ziconium-Copper or Bronze
445 IBronze Branze __lBronze 77227 Bronze
AlIt. TS for final confirm. JAI-6081 Al-606t AL-B80B1 ALBOBY Ziconlum-Copper or Bronze | Ziconium-Copper or Bronze |Al-6061 Al-8081
4485|
. Unique instrumentation
447
Add. TS design and modits  See Table 7 Attempt new TS
needed designs, incl. ext.
s |heating
Pre ’Bm" posit. {ftow ratio) Clased (min) Open (>10: 1) Closed (2er0) Closad {zero)Open Closed {zero) Closed (2ero) Closed (2ero) Closed {zero)
450,  im {const.) Tin, Pex, Ot [1] Tin, Pex, QR {1} Tin, Pax, Ot{1] Tin, Pox, &t 1] T, Pex T Pox. O
451] |Measure (vary, active) Vet {1] . vel (1] Vel [1] Vel {1} Vet Vel
4521 [Measure (vary, pessive) Pin,dP,Tex, TCs Pin,dP,Tex, TCs Pin,dP,Tex, YCs Pin,dP, Tex, TCa Pin, dP Pin. dP, Tex, Twm -
453, Determine min. dF, Ver FE Bumout, Ver CHF Bumout, Ver CHF Bumout, Ver FF.Re Twz, Tbz, Hz
sl [Piot dP=i(Vel), dP min dP=t(Vel), FE dP=t(Vel), CHF dP=t{(Vel), CHF FE=A(R8) Rz=NRe,Pr, T)
455 tniet T, C {const.) 40-45-50 40-45-50 40-45-50 40-45-50 40-45-50 40-45.50
456]  |Exit pras., MPs (const) 0.5-20 05-20 0.5-2.0 0.5-2.0 1.5-1.7-1.9 15-1.7-1.9
57| |Hestilux, MWim2 {const)  |3.17 317 a7 3-17 No Power 306090
458]  Jilet velocity, nvs (vary) 2-28 2.28 2-28 2.8 P ST




Table B.I (continued)
L] X I L ] ] ] N I o I P I Q I R
|az7 — -
a2 | . . ]
lﬂ = | R
430,
431 1.1.14.2.2 (included) 1.1.14.2.2 (included) 1.1.14.2.2 (included) 1.1.14.2.2 {included) 1.1.14.2.2 {included) 1.1.14.2.2 (included) 1.1.14.2.2 (included) 1.1.14.2.4 ($1653K}

THTL 2-8 Channel Tests

-=-THTUOrig.[2] -
432

THTL 2-8 Channel Tests

—THTUVar. Span---

THTL 2§ Channel Tests

~-THTL/M. Span & P.Taps ---

THTL 2-S ChannelTests

---THTLM. Span& P.Taps --

THTL 2-S ChannelTests

~THTLM. Span & P.Taps -

THTL 2-5 ChannelTests

--THTUM. Span& P.Taps ---

THTL 2-$ ChannelTests

- THTLMod. 77 -~

THTL 2-S ChannelTests

== THTUProt. Surt. —

InciplentBoiling

Span scaling

2 9 dP &Vold Frac.

2-P Nugel. Boll. HTC

Ax. H.F. Dists.

.Lat. H. F. Dists.

THTL Quasi-Trans.

Low Mass Flux,

Tests [2] Validation Tests Tests Tosts Effectson FE Effectson FE- Med. Conds. Tests Positlve Quality DNB
Span {77?) Tests
433
2(1) 20 2 2(y) am ) 3{Y 4

434
435

1994/1995/1996 1994/1995/1996 1894/1895/1996 1894/1995/1996 1994/1995/1996 1994/1995/1996 1994/1995/1996 1995/1896
436

(inct. above) {inct. above) {incl. above) (inci. above) (incl. above) (incl. above) {inci. above} $618/1036K
437

Protot. surf. char.'s are very

Try 2 &3 times the prav. span

New TS design with prass. taps

Now TS design with press. taps

Two Axial H.F, profiles,

Add max. lateral cQ/dy to Ax.
distr.

Use the basic THTL facli. for

ModTied T To haveprofot. surl,
and int. wait chars. for Oscil. &

4(1331

important. and determine span scalibliity. |along channst. along channel. Needs high powar? testing quasi-sieady state conds
Use of full Length? Nacaessary span scale lo be Necessary span scale to be New TS design with prass_taps |New TS design with press. taps joccur. in safety trans.'s. rewat, ONB
deter. earlier. deter. parlier. along channel. Necessary span {along channael. Necessary span | Specific 1asks will be sch. tater. |One sided?, Full span?, Full
scale lo be deter. arlior. scale to be deter. earlier. length?
438
Low H.F.
439
4490,
441
New power Supp.? New power Supp.? New power Supp.? New power Supp.? New power Supp.? Mods for trans. Needs gas pressurizers to slab.
442 Add. Pump Cap.? Add. Pump Cap.? Add. PumpCap.? Add. Pump Cap.? Add. Pump Cap.? press. bounds?
“1rosa TOSATT TOS-4(77) TDS-4(77) TDS-5(77) TDS-8(77) TDS-777 Protol. H.F. & PowerVol ralio
443 (d#. TS for trans.) {ditf. TS lor trans.) (dit.T8 for trans.) (ditf.TS lor trans.) (diff. TS tor trans.) (dif.T8 lor trans.) {di{, tor dif. trans ) B
R: 507x12.7x1.27 R 507x25.4 & 38.1x(1.27- R: 507x25.4x(1.277) R: 507x25.4x{1.277) R: 507x25.4x(1.277) R:507x25.4x1.27, Lat. Tin. thick, Protot. wall length. thick. &
3.8177) Larger span?? Larger span?? Var. ax thick. material
Ziconium-Copper O Sronze Ziconium-Copper OF Bronze Ziconlum-Copper @ Bronze Zicanium-Copper or Bronzs Ziconium-Copper or Bronze Ziconlum-Copper or Bronze Oxide surf. fmpor. Tr rewstting
445) or inconel or incone! or inconet or inconei a insonet invoived .
AR08 A-8081 Al-6061 AF6081 A-6061 AL6061
446
| P. taps 1(2) P. taps {(z) P. taps #(z) P. taps t{z) P. 1aps i{z)
447
Add pres. laps along chan. Add pres. taps alongehan. Add pres. |aps aiong chan. Add pres. taps along chan. Add pres. laps along chan.
Lat. Tb,ex for mixing?? Lat. Tb,ex for mixing 7? Lat. To,ex tor mixing 77 Lat. Td,ex for mixing 7? Let. To,ex lor mixing 77
448
420 C%ged (zero) Open (>10: 1) Chbsed [zero)
450{Tin, Pex, Vel {1} 1 ——
ast]at{ll o |
a52|Pin.oB,Tex, TCs Pin,dP,Tex, TCs(z), P(z} Pin,dP,Tex, TCs(2), P(z) Pin,dP, Tex, TCs(z), P{z) Pin,dP Tex, TCs(z), P(2)
483 TCH3, Ot B
454 g:l Tw-Ts) i ] { o
455/40:43:50 -
456[0.5-2.0 i R

qr

-qa



Table B.1 (continued)

458

S T 1] v W X Y H
427,
428}
429 {2) Other T/ Facititios
430
431 New 1.1.14.2.3 ($5887K) 1.1.14.2.3 {incl.} 1.1.14.2.3 (incl.) 1.4,14.2.3 (incl.} 1.1.14.2.10 {$35148K) WBS Task # (Budgst) 1.1.14.2.1 [$281K)
THTL 2-S Channel Tests Protot. Span Tast Loop Protot. Span Test Loop Protot. Span Test Loop Protot. Span Test Loop MuRi-Chan. Therm.-Hyd. Tests JFacilty “Coda Namg” Flow Blockage Tost Fac.
-~ THTLMulK.Ch, ---
- THTLntegral — - PSTL - -~ PSTL -~ ~ PSTL ~PSTL = of --- PSTUMultt.Ch, — —FBTF -
432}
Small Scale RELAR  jLat. H.F. Dists Comb. Ax. & Lat. H. F. Hot Streak Etfects on Hot Spot Eftects on .|Multi-Chan. Ass. T/H |Phen. & Purpose Flow Blockage Tasts
Integral Tests Effects on FE in Full DistsonFEInFull FE - Full Span CHF - Full Span Tests .
Span . Span . . ' S
433] ‘ L .
nn 2(3) 2(® 1{3) 13 41(8) Data priosily (1-5) 1(2)
434
[} Sched. data is needed
1094/1995/1996/1097/1698 1094/1095/1996/1007/1998 1004/1905/1096/1087/1998 1994/1095/1090/1997/1998 1995/1996/1997/1908/ Expet. approx. schedule 1994 (bsing buit in 1683)
436,
$370/2002/1352/1342/732 ({inct. above) (intd. sbove) {incd. above) $1064K/1548/1512/1024 lBudga( atioc.iyr 15261K
437]
RELAP simul. of ful integration [Full Span Fult Span. Streaks 1.5, 5.0 & 10.0 mm, Ax. |Attempt an "array of hot Test cond. & FE mutusnt effects  [Factiity type & unique features: |One sided, fult span,
in smali scale comp.'s ot one  |Two Axial H.F. profiles, Two comb. of H.F, profties, H.F. ratios: 1.34 1.8 spots*?? betwaen adjusant channals. turbulance & eddies.
loop: Pump, Acc., Ruptwe DlskﬂNoeds_ high powsr? Needa high power? Needs high powsr? . Neeads high power? Could FE ocour befors Min. dP?
e ’ ) ize halt of tult length? Lo haf or full length?. Protot. span. Hat jength. Prototl. span. Half length,
438}
Max_ power avall. {or needed),
kw
Max. pump cap. avafl. {of
440; ineedod), L/s B 27 MPs
IMin. pump cap. (avali. (or
YY) Ineeded), Lis @ 77 MPa
. Now Power Supply (H.V.}. New Power Supply (H.V.). New Powst Supply (H.V.). New Power Supply (H.V.). Maior loop modifs. needed
442 Add. Pump Cap. Add. Pump Cap. Add, Pump Cap. Add, Pump Cap. [compared o p )
1-Side heated, other ransparent|1-Side heatad, other transparent! 1-Side heated, other transparent|1-Side heated, other transparent| TDS-?7? TS#
443
R:2547x87x1.27, Lat. var. thick |R:2547x87x1.27, Lat. var. thick [R:2647x87x1.27 with Hot Strka  [R:2547x87x1.27 with Hot Strks | Semi-stele 3-Chan. "fustass.® {TS geom., & size
2?7
2Ziconium-Copper or Bronze Ziconum-Copper or Bronze Ziconium-Copper or Bronze Ziconium-Copper or Bronze TS materiat
445 of inconel or inconel of Inconel - of inconst
A-6061 Al-6081 Al-8081 A80GT Alt. TS for finat confim.
A48 . .
1P, taps 1(z2) P. taps 1(z) P. taps f(z} 7. taps (2} Uniqus instrumentation
447
Add pres. taps along chan. Add pres, taps along chan, Add pres. taps slong chan, Add pres. taps along chan. Add. TS design and modifs.
Lat. Tb,ex for mixing tat. Th,ex for mixing Lat. Th,ex for mixing Lay. Th,ex for mixing Inesded {compared o present}
448
449 Open (>10: 1) Open (>10: 1) Open {>10: 1} Closed {2810} Bypass posit. {fiow ratio)
450 {Measute {const.)
451 {Measure {vary, active)
452 Maasure (vary, passive)
453 Determine
o Plot .
455{ Infet T, C {const.}
456 Exit prassure, MPa (const.)
457] Heat fiux, MW/m2 (const.}




Table B.1 (continued)

AB

AC

AD

AE

AF

AG

427

428]
429'
430

431 1.1.4 ($3275K) 1.1.14.2.5 ($1679K) 1.1.14.2.9 ($1819K) 1.1.14.2.7 (33100K) 1.1.14.2.8 ($891K) 1.1.14.2.5 ($4810K) 1.1.14.2.11 ($7005K)
Natural Cire. Test Facility |Naturat Circ. Test Facitity Naturai Circ. Test Facility Non-Fuel Comp.s Test Fac. Pipe Break Expers Fac. Integral Trans. Perf. Test Fac.  [Full Scale/Full Flow Integ. Fac.
{Care Flow (1.1.4}] {Mod. Care Flow {1.1.4)] {Mod. Core Flow {1.1.4))
< NCTF - <o NCTF - - NCTF - « NFCTF — ~ PBEF — e [TPTF o - FSFFITF -
432
Natural Circ. Tests  Natural Circul. Off-  Thermal-Hyd. Hydraulic Tests of Pipe Break .Scaled Trans. Pump Full Scale & Full Flow
{Decay Heat) Nom. Tests Refueling Testing Non-Fuel Comp.s Experiments (was for Perf. Tests (B.D., Trans. Integral Tests
NPR) Cavit.& Flash)
433
2 35 5(9) 5(8) 5{10) 3(4) 5(11)
1434]
435
1994/1895/1996/1997 1997/1996/193¢9 1997/1998/1899 1995/1996/1997/1998 1994/1995 1995/1996/1997/1998 1995/1996/1997/1998/1959
436,
$397K/1458/1062/358 $559K/1012/109 $674K/1037/108 $881K/1050/1061/109 $454K/437K $1790K/1162/1053/005 $351K/3733/1387/1323/212
437

438

Basic nat. circ. system loop for
tosting at nominal conds.

Moditied loop of 1.1.4
Possible oscl. & instabs. May
not need to be extensive and
sophist.

Nat. Conv. in a pool
is it poss. 10 uss mod. 1.1.4

loap?

Control rods, Beam tubes,
CPBT, Reflector 1ank walls, etc.

Inst. vs limited time
Doub.-ended gulil. vs ieak-bef.
break

Earthquaks,

Hot leg depres. blowd. conds.
pump exit break. Pump cavit. &
flash. Also test crit. vel. and
press. Wave. Red. scale integr.
RELAP simut.

RELAP simul. of full integration
of reduced scate (semi??)
comps. of one loop: pump, acc.,
rupture disks, ete

429

440

One semiscale pump

One semiscaje pump

One samiscale pump

One semiscale pump

Fue! Ass. simul.
Riser above heat source

One semiscale accum., Rupture
disks

One semiscale accum., Rupture
disks

Protot. wall length, thick. &
material

Semiscale 3-Chan. “fuel ass.* 7?7

Oxide surf, imgor. for phen.
involved

9-4
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